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Abstract
Thermal fatigue is a structural damage mechanism which has been among the causes of
reactor coolant leakages in nuclear power plants. A well-recognized source of thermal fatigue
in the safety related nuclear piping is the turbulent mixing of fluids at different temperatures.
The thermal fatigue assessment of components requires an interdisciplinary approach. This
involves the evaluation of the fatigue driving loads from the fluid temperatures, heat transfer
to the pipe and stress amplitudes within the pipe wall. The fatigue analyses are then needed to
predict the fatigue life using the estimated driving loads and experimental fatigue resistance
data. It is clear that the accuracy of fatigue life estimates strongly depends on the accuracy of
the estimated fatigue driving loads, especially fluid temperature histories. These can be
obtained from complex and extremely time-consuming experiments or computational fluid
dynamic (CFD) simulations of turbulently mixing fluids. These could only offer spatially
incomplete temperature histories, which are typically limited to minutes or hours at the best,
and reported in compact terms of the first two statistical moments combined with power
spectral densities.
Extrapolation of compact and comparatively short fluid temperature histories to the
expected fatigue life time of months or years is inherently uncertain and lacks deeper
understanding and proper treatment in the open literature. The major goal of the dissertation is
therefore to contribute to the prediction and understanding of the uncertainties involved in the
assessment of the safe life of pipes exposed to thermal fatigue due to the turbulently mixing
fluids.
To this end, the dissertation explores a range of simplified and complex state-of-the-art
numerical methods, including one-dimensional (1D) approximations with one- and multifrequency (spectral) approaches and turbulent three-dimensional (3D) CFD models with and
without conjugate heat transfer. An improved spectral loading approach for the generation of
synthetic fluid temperatures at affordable computational costs is proposed. Synthetic fields of
temperatures acting near the surface of pipes during turbulent fluid mixing are employed in
3D structural analyses of pipes to verify the persistence of nearly equi-biaxial stress states in
the pipe surface away from geometrical, structural and material discontinuities. Then, the
improved spectral approach is employed to generate a wide variety of fluid temperature
histories resulting in a set of estimated fatigue lives. These are further analyzed to quantify the
magnitudes of inherent uncertainties. Linear 1D heat diffusion and thermal stress estimates are
used together with fatigue assessment codified rules in the uncertainty analysis.
Keywords: thermal fatigue, thermal striping, fatigue life prediction, fatigue assessment,
variable amplitude fatigue, multi-axial fatigue, uncertainties, spectral methods, nuclear safety.
PACS: 02.70.Dh, 02.70.Hm, 46.25.-y, 46.50.+a, 46.70.-p, 62.20.me, 62.20.M-
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Povzetek
Toplotno utrujanje je pojav, ki povzroča strukturne poškodbe materialov in je eden od
vzrokov za nastanek puščanja reaktorskega hladila v jedrskih elektrarnah. Dobro poznan vir
toplotnega utrujanja v ceveh, ki so pomembne za jedrsko varnost, je turbulentno mešanje
tekočin različnih temperatur.
Ocenjevanje toplotnega utrujanja komponent zahteva interdisciplinarno obravnavo. Ta
vključuje oceno obremenitev - temperaturnih polj tekočine, ki povzročajo utrujanje, oceno
prenosa toplote med tekočino in cevjo ter oceno mehanskih napetosti v stenah cevi. Na
podlagi ocenjenih obremenitev in izmerjenih krivulj odpornosti materiala na utrujanje nato z
analizami utrujanja napovemo življenjsko dobo komponent. Jasno je, da je natančnost ocene
življenjske dobe utrujanja močno odvisna od natančnosti ocene obremenitev, predvsem
časovnega poteka temperaturnih polj. Le-ta lahko pridobimo s pomočjo kompleksnih in
časovno zelo zahtevnih eksperimentov ali simulacij turbulentnega mešanja tekočin s pomočjo
računske dinamike tekočin (CFD). Na ta način dobljena temperaturna polja so ali prostorsko
nezvezna ali pa so časovno omejena tipično na nekaj minut oz. kvečjemu ur. Poleg tega so
dostopni podatki običajno predstavljeni le v kompaktni obliki, npr. s prvima dvema
statističnima momentoma in gostoto spektralne moči.
Ekstrapolacija kompaktnih in relativno kratkih časovnih temperaturnih polj glede na
pričakovano življenjsko dobo komponent, ki je reda velikosti nekaj mesecev oz. let, je
inherentno obremenjena z negotovostjo, njena poglobljena obravnava v dostopni literaturi pa
je pomanjkljiva. Zato je glavni cilj disertacije prispevati k napovedim in razumevanju
negotovosti pri ocenjevanju varne življenjske dobe cevi, ki so izpostavljene toplotnemu
utrujanju zaradi turbulentnega mešanja tekočin.
V disertaciji v ta namen raziščemo nabor najsodobnejših poenostavljenih in kompleksnih
numeričnih metod, med katere sodijo enodimenzionalni (1D) približni modeli, ki jih rešujemo
z eno- ali več-frekvenčnim (spektralnim) pristopom, ter turbulentni tridimenzionalni (3D)
modeli CFD, ki upoštevajo vezan oz. nevezan prenos toplote. Predlagamo izboljšan, računsko
nezahteven spektralni pristop za generacijo sintetičnih temperaturnih polj tekočine. Sintetična
temperaturna polja, ki delujejo tik ob površini cevi, uporabimo v 3D termo-mehanskih
analizah, s katerimi preverjamo obstojnost približno izo-dvoosnega napetostnega stanja na
površini cevi daleč stran od geometrijskih, strukturnih in materialnih nezveznosti. V
nadaljevanju z izboljšanim spektralnim pristopom izračunamo širok nabor temperaturnih
signalov tekočine, s katerimi ocenimo pripadajoče življenjske dobe utrujanja. Z analizo teh
rezultatov nato kvantificiramo inherentne negotovosti ocen. Pri analizi negotovosti poleg
linearnega 1D modela difuzije toplote in termičnih napetosti uporabimo standardizirana
pravila za ocenjevanje utrujanja.
Ključne besede: toplotno utrujanje, toplotno razslojevanje, napoved življenjske dobe
utrujanja, ocena utrujanja, spremenljiva amplituda utrujanja, večosno utrujanje, negotovosti,
spektralne metode, jedrska varnost.
PACS: 02.70.Dh, 02.70.Hm, 46.25.-y, 46.50.+a, 46.70.-p, 62.20.me, 62.20.M-
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Chapter 1
Introduction
Thermal fatigue is a process of structural damage of materials, localized and time-dependent,
induced by cyclic thermal loads such as the ones evolving in the pipes with turbulently mixing
fluids at different temperatures [1]. Stainless steel pipes in existing nuclear power plants
(NPPs) have experienced cracking due to thermal fatigue. In several cases, the cracks
propagated through pipe wall causing primary water leakage within the containment [2, 3].
These incidents showed that thermal fatigue could have important implications on structural
integrity of plant components and, subsequently, on nuclear safety. The safety related
components in NPPs were designed initially for fatigue without fully appreciating the
potential damage stemming from thermal fatigue. Therefore, the initial design and further
extension of operating licenses of NPPs might be influenced by the thermal fatigue loads
which, in some cases, may be difficult to predict. The full understanding and meaningful
predictive modeling of thermal fatigue is yet to be achieved using an interdisciplinary
approach that includes fluid dynamics, heat transfer, structural mechanics and materials
science [4, 5].
The turbulent mixing of fluids at different temperatures generates temperature fluctuations
at the fluid-wall interface. The possibly random fluid temperature fluctuations, caused by the
turbulent mixing, induce temperature fluctuations in the surrounding pipe walls. Rather fast
temperature fluctuations at the pipe surface induce fluctuations in the localized thermal
strains, which could be constrained by the adjacent material at different temperature. In this
way, the fluid temperature fluctuations induce stress fluctuations in the pipe, which may lead,
in some circumstances, to fatigue and subsequent leakage [5] or potentially even loss of
structural integrity. This phenomenon, also known as thermal striping, has been studied
particularly in the field of liquid metal fast breeder reactor structures which are very sensitive
to this type of thermal loads [6, 7].
This dissertation deals with the numerical methods employed in the thermal fatigue
assessment of pipes under turbulent fluid mixing. Chapter 2 includes the state-of-the-art
description of the thermal fatigue assessment of (nuclear) components and identifies some
open issues and objectives of the dissertation. The basic theory supporting the proposed
thermal fatigue assessment of pipes is given in Chapter 3. This includes the improved spectral
loading approach for the generation of fluid temperatures, the heat transfer, mechanical and
fatigue analyses theory and the evaluation of uncertainties in the fatigue life predictions. In
Chapter 4 the fatigue assessment is implemented following the synthetic sinusoidal method
1
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and the improved spectral loading approach. In Chapter 5, the differences in the thermomechanical response between three-dimensional and simplified one-dimensional pipe models
are discussed in some detail. Chapter 6 presents the proposed fatigue assessment of nuclear
piping, including the uncertainties of predictions, using a wide variety of fluid temperature
histories. The conclusions of the research, directions for future work and possible applications
of the developed spectral loading approach are outlined in Chapter 7.

Chapter 2
State of the art and problem definition
Fatigue of materials is the time-dependent process of degradation, understood as damage
evolution, and possible failure of materials under cyclic loading. Fatigue damage evolves
from the micro-structural changes to the development of micro-cracks smaller than a material
grain size, which could join each other or grow in size, up to the possible loss of structural
integrity and failure of the structure. Fatigue is therefore a multi-scale phenomenon where, in
periodic-lattice ductile materials such as stainless steels, the initial micro-structural changes
originate in the nano-scale from the movements within atomic planes, known as dislocations.
Dislocations concentrate in persistent slip bands that may form material extrusions and
intrusions at the surface, becoming perfect candidates for crack initiation sites. As fatigue
continues, dislocations in persistent slip bands accumulate near grain boundaries. These
micro-structural changes induce local stress concentrations that may develop micro-cracks.
The crack initiation and the subsequent fracture process of crack growth, on the other hand,
are influenced by the global loading that affects the entire structure or component. The socalled mechanical fatigue, dominated by the imposed mechanical loads, has been largely
studied since the middle of the 19th century [8-10].
In the 1950’s experiments were performed on metals in order to understand and
characterize a type of fatigue that involved cyclic thermal loads rather than mechanical
loads [11]. During the Symposium on Thermal Fatigue of Materials and Components in
1975 [12], Spera gave a formal definition for the type of fatigue which seemed to be more
damaging in terms of life expectancy of components than the mechanical fatigue. Crack
initiation and propagation in materials may start in less than 50,000 cycles under cyclic
thermal loads becoming a type of low-cycle fatigue (<105 cycles, global plastic deformation).
The thermal expansion or contraction of the material needs to be constrained for the thermal
fatigue to evolve. The constraining mechanisms were also defined by Spera as external or
internal. The former ones are typically well understood and assessed during the design phase
since they require boundary conditions applied on the component’s surfaces to impede the
volume changes. Spera named the externally constrained thermal fatigue as “thermalmechanical fatigue”. On the other hand, internal constraints are more difficult to assess since
they develop when neighboring material volumes constrain the movement of an expanding or
contracting one. Adjacent material volumes then need to be at different temperatures, to be of
different materials, or both. Spera named this type of thermal fatigue as “thermal-stress
fatigue”, hereon referred simply as thermal fatigue. Figure 2.1 shows schematically the
3
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described types of fatigue. While the typically iso-thermal mechanical fatigue is dominated by
the imposed mechanical loads, the thermo-mechanical fatigue combines it with an imposed
temperature change of the component. The latter then studies also the effect of temperature on
fatigue development. The controlled temperature changes in combination with mechanical
loads may promote additional phenomena, such as creep and oxidation, which could dominate
the fatigue damage. Thermal fatigue, on the other hand, is driven by the internal loads that
arise due to local temperature changes of surface material. The temperature changes are
typically induced by the presence of varying temperature fluids near the component. In
contrast to the other types of fatigue, these internal loads need to be determined. This
dissertation focuses on the latter type of thermal fatigue dominated by internal loads.

Fatigue types

Mechanical fatigue

Thermo-mechanical
fatigue

Thermal fatigue
Part

Controlled temperature

σ

ΔT σ

σ

fluid

Tf

σ

t
t
• Mechanical loads
driven fatigue

• Mechanical fatigue
• Creep
• Oxidation

• Local (internal)
loads driven fatigue

Figure 2.1. Fatigue types from the nature of driving loads. Imposed mechanical loads dominate the mechanical
fatigue. Thermo-mechanical fatigue combines component temperature changes with mechanical fatigue. Thermal
fatigue is dominated by the internal loads arising from the local temperature changes of surface material due to a
nearby fluid of varying temperature.

The fatigue of materials driven by temperature changes and internal constraints is still a
phenomenon of concern for many industry sectors. A few examples can be listed such as
brake systems of trucks and locomotives [13, 14], aircraft engines or gas turbine blades in
thermal power stations [15], electronic power devices used in transport applications [16], solar
panels in satellite power subsystems [17], piping in petrochemical plants [18] and piping and
components in thermal [2, 19] and fast fission reactors [20-22] and in fusion reactors [23-25].
In particular, this dissertation deals with the thermal fatigue occurring in water cooled reactor
piping components.
In the following sections, the different scientific disciplines embraced by the thermal
fatigue assessment are reviewed. The relevant particularities, main findings and the open
issues are identified and, finally, the contribution of this dissertation is outlined.

2.1 Thermal fatigue in the nuclear industry
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2.1 Thermal fatigue in the nuclear industry
Thermal fatigue events in the nuclear industry were first noted in the late 1970’s. Some of
these events involved primary water leakage inside containment which meant that thermal
fatigue damage could develop through-wall cracks. Those incidents proved important
implications of thermal fatigue on structural integrity of plant components and, subsequently,
on nuclear safety. A well-known example is the longitudinal and through-wall crack that in
1998 appeared in the residual heat removal system of the Civaux NPP, in France, where two
fluids at different temperatures mixed in a T-junction piping [5]. This particular event
triggered a major surveillance plan discovering that local fatigue degradation had occurred in
all the 58 French NPPs [26], including few deep cracks.
The numerous incidents in nuclear piping and components led to an important international
research work which included: a specialist meeting on the topic in 1998 [27], international
conferences from year 2000 [28], fatigue crack growth benchmark in 2001 [29], a field
experience review in 2005 [2], a thermal fatigue benchmark exercise also in 2005 [30] and
piping failure data projects in 2012 and 2015 [3, 31]. The field experience review in Ref. [2]
gave an overview on the thermal fatigue topic through the regulatory requirements status,
research programs, experience and countermeasures worldwide. The main outcomes of the
review may be summarized as:


Thermal fatigue is an interdisciplinary phenomenon.



A better understanding of thermal fatigue has been gained through analysis of the
nuclear industry incidents. In addition to the low cycle fatigue pointed by Spera in
[12], it is now known that it is a type of high-cycle fatigue as well (>106 cycles, global
elastic deformation) for some fluid conditions. The damage root cause of the Civaux
NPP leakage has been attributed to high-cycle thermal fatigue due to the turbulent
mixing of fluids at different temperatures [26].



Thermal fatigue is induced mainly by (i) operating transients that may produce lowcycle fatigue by forcing the circulation of oscillating fluid temperature in some
portions of the pipe work and (ii) by other phenomena such as fluid stratification,
vortex penetration and fluid mixing, which may be the cause of low- or high-cycle
fatigue.



Thermal fatigue was not taken into account during the design phase of operating
NPPs.



There are several mechanisms related to thermal fatigue which are not properly
understood yet.



Regulations regarding thermal fatigue vary among different countries and currently
there is no common way to assess it.

In parallel to the above researches various projects worldwide have also been dedicated to
the understanding and assessment of thermal fatigue. Clear examples are the 2001-2004
European Commission THERFAT project (mainly dedicated to fluid mixing) [32] which
culminated in the broader European procedure for thermal fatigue assessment in 2007 [4], the
1996-1999 international project coordinated by IAEA under the framework of fast reactor
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technologies [6], the American research project performed by EPRI from 1999 until 2003 [1]
and the Japanese research work by JSME reported also in 2003 [33].

2.2 Thermal fatigue as an interdisciplinary phenomenon
As noted by Spera [12], thermal fatigue developing from internal constraints in singlematerial components involves temperature gradients. Thus, heat transfer and mechanical
analyses are needed in order to obtain the fatigue driving loads. Moreover, fluid of varying
temperature near the component is generally the source of structural temperature changes.
Knowledge of the fluid phenomenon is therefore instrumental to properly assess the fatigue
damage. Hence, four main scientific disciplines are involved in its evaluation [2, 5]:


Fluid dynamics. The studies focus on the fluid flow configurations which may develop
low- or high-cycle thermal fatigue. Fluid stratification occurs when fluids of very
different temperatures and low flow values meet due to operating transients, valve
leakage or in dead legs. Turbulent fluid mixing arises when fluids at different
temperatures and relatively high Reynolds numbers meet in T-junction piping
producing thermal striping near the wall. Combinations of both fluid phenomena
develop the so-called turbulence (vortex) penetration.



Heat transfer. The temporal wall temperature of the component relies on the local heat
transfer characteristics between the fluid and the component.



Structural mechanics. This field derives the component stress-strain state due to
temperature changes induced by the fluid and other loads such as hydrostatic pressure
or structural constraints. Due to time- and space-dependent temperature changes, the
component may develop fatigue damage locally. The fatigue damage, however, may
be also influenced by the global thermo-mechanical state of the component.



Material science. Studies the fatigue damage stages and resistance of materials. Crack
initiation, on nano- and micro-scales, crack early propagation and crack growth up to
critical sizes, and failure of test samples. Development of fatigue curves and fatigue
crack growth behavior of structural materials.

Another branch of research is dedicated to the implementation of plant instrumentation
able to assess the severity of the phenomena through in-service fluid and structural
temperature readings. In this way, an on-line evaluation of the thermal fatigue likelihood is
performed. While this may be possible for fluid stratification due to operating transients and
valve leakage, other fluid phenomena such as turbulent mixing and vortex penetration are
more difficult to assess because of the higher frequencies involved in the temperature
fluctuations [4]. In these cases, it is believed that the fatigue assessment of structures requires
the anticipation of the problem through a deeper understanding of the plant thermo-hydraulics,
fluid dynamics as well as heat transfer characteristics between fluid and piping.
The multi-discipline nature of thermal fatigue assessment has forced the above research
areas to progress in parallel. Since the initial researches mentioned in Section 2.1 (e.g.
Ref. [4]), big efforts have been devoted to the characterization of the fluid temperatures near
the pipes, which is of outmost importance to assess the fatigue likelihood. The turbulent
mixing of fluids at different temperatures in T-junction piping has concentrated a very
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important part of the research work in this topic, probably due to the numerous damaged
piping cases reported in the industry [26]. This is also the selected fluid phenomenon for the
work performed in this dissertation. What follows next is a description of relevant findings
from the literature in the above disciplines which have improved the understanding of the
phenomena involved in the fatigue assessment of safety related structures in the nuclear field.

2.2.1 Overview of the turbulent mixing of fluids at different temperatures
Turbulent mixing of two fluids at different temperatures in a T-junction piping generates
temperature fluctuations at the fluid-wall interface. Consequently, the temperature of the
pipe’s inner surface also fluctuates, following the fluid temperature to some extent. This
phenomenon, known as thermal striping, is characterized by the possibly random temperature
fluctuations of the fluid, in time and space, near the surrounding piping.
Branch flow
Wall-Jet
Main flow

Deflecting-Jet

Impinging-Jet

Figure 2.2. Typified flow patterns in T-junction fluid mixing based on momentum ratio (𝑀𝑅) [34].

The initial characterization of temperature fields in fluid mixing has been possible by the
means of experimental facilities [34, 35]. One of the reference studies [34] includes the
prediction of the flow patterns downstream of the T-junction, sketched in Fig. 2.2, based on
the so-called momentum ratio (𝑀𝑅):
𝑀𝑅 =

𝑀𝑚
𝑀𝑏

(2.1)

between the momenta of the main (𝑀𝑚 ) and branch (𝑀𝑏 ) incoming flows:
𝑀𝑚 = 4𝑟i 𝑚 𝑟i 𝑏 𝜌f 𝑚 𝑉𝑚2 ,
𝑀𝑏 =

(2.2)

𝜋𝑟i 𝑏 𝜌f 𝑏 𝑉𝑏2 .
2

The momenta are calculated with the inner radii of the main (𝑟i 𝑚 ) and branch (𝑟i 𝑏 ) pipes and
the densities and bulk velocities of the main (𝜌f 𝑚 , 𝑉𝑚 ) and branch (𝜌f 𝑏 , 𝑉𝑏 ) fluids. Each of the
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flow patterns generates a specific temperature field near the pipe wall around the mixing
region. For instance, a much larger main flow momentum than branch flow momentum forces
the branch flow to remain attached to the pipe wall downstream of the T-junction. In this flow
configuration, named as “wall-jet”, the two-dimensional (2D) temperatures fields near the
wall resemble a “tongue” which randomly oscillates [36]. It is believed that the random
movement of the “tongue’s” boundaries is the responsible for the high temperature
fluctuations of the fluid near the surface. The counterpart flow pattern is the “impinging-jet”,
characterized by the branch flow hitting the opposite side of the main pipe. The case in
between these two is the so-called “deflecting” or “turn-jet”, where the branch flow detaches
from the wall and keeps being “surrounded” by the main flow. The magnitude of the fluid
temperature fluctuations near the pipe surface was found lower in the “impinging-jet” than in
the “wall-jet” case concluding that the former improves the fluid temperature mixing. The
fluid temperature fluctuations near the surface in the “deflecting-jet” case were very low as
compared to the other configurations. Two more relevant outcomes from these researches can
be emphasized. The first one is that the non-dimensional power spectral density of
temperature fluctuations, at a given location, showed a unique profile when the momentum
ratio was identical. As it could be expected from the theory of turbulent flows, the fluid
temperature fluctuations near the pipe surface present a multi-frequency and variable
amplitude content. The second outcome is the identification of peak frequencies in the power
spectral density. These were shown to be related to the Von Karman street vortex that may
form after the collision of the main flow with the branch flow [34, 36, 37]. Further
experimental research in this field also included the influence of an upstream elbow [38, 39]
and the angle between the main and branch pipes [40] on flow patterns and 𝑀𝑅 values.
In the last decade, the increase in computational power and the development of turbulence
models and computational fluid dynamic (CFD) codes have allowed for increasingly detailed
modeling of fluid flows. Fundamental research employs direct numerical simulations (DNS)
to understand the basic fluid and heat transfer phenomena [41, 42]. Typically, DNS are
performed in idealized conditions and geometries which, due to computing limitations, are far
away from the damaging turbulent fluid mixing conditions in NPPs. Therefore, DNS approach
is not used for fatigue evaluation.
The Vattenfall benchmark facility [35, 43] has supplied a set of experimental data
commonly used for the validation of CFD codes and numerical approaches such as Detached
Eddy Simulation (DES) [44, 45], Large Eddy Simulations (LES) [46-51], steady Reynolds
Averaged Navier Stokes (RANS) and unsteady (URANS) [52-54]. In the Vattenfall facility
two fluid flows at different temperatures mix in a T-junction made of Plexiglas®. Although
fluid conditions are far from operational conditions in NPPs, CFD efforts are concentrated in
reproducing the fluid dynamics in the bulk flow and near the pipe surface. At the present
moment, CFD simulations with LES scheme have been shown to deliver accurate fluid
temperatures near the surrounding structure. The rest of the CFD models and approaches
yield, generally, low temperature fluctuation levels when compared to experiments.
Therefore, these are typically deemed as non-conservative for further fatigue related analyses.
Research in fluids mixing in a T-junction continues elsewhere [55, 56] demonstrating, not
only the complexity of the involved phenomena but, also, the complexity of experimental
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measurement and reproduction by means of CFD codes. Nevertheless, the nowadays very
detailed CFD simulations have allowed a better understanding of specific fluid conditions
which are, otherwise, experimentally challenging. An example is the Civaux T-junction fluid
mixing circumstances [57].

2.2.2 Heat transfer characteristics in turbulent fluid mixing
The second field of research tries to quantify heat transfer between fluid and structure in order
to reliably predict the pipe wall temperatures. The wall temperature gradients, in turn, drive
the thermal strains and stresses.
Rather accurate approximations of the heat transfer coefficient may be obtained with
empirical correlations valid for specific turbulence conditions and geometries, e.g. the DittusBoelter equation for stationary turbulence in circular pipes [58], given in Eqns. (3.26)-(3.28)
of Section 3.2. In more complex flow conditions such as the turbulent mixing in T-junctions,
the heat transfer between the fluid and the pipe wall is studied in experimental facilities by
means of novel sensors [59, 60], which capture simultaneously the fluid and wall temperatures
near the surface [37, 61, 62]. The locations of the thermocouples downstream of the
T-junction are defined by dedicated CFD analyses populating the regions where higher
temperature fluctuations are predicted.
Simultaneous fluid and surface temperature readings should allow obtaining a transfer
function from fluid to structural temperatures in the frequency domain [37, 61]. However,
experimental difficulties may arise from the fact that there exist a finite distance between the
wall thermocouples and the surface. Typically, also different materials are involved in their
installation. This implies that the accurate prediction of fluid-wall heat transfer experimentally
and further derivation of wall temperatures require dedicated numerical analyses [62].
Moreover, the experimental data available is, in most cases, spatially incomplete. Regardless
of the experimental shortcomings, recent researches have been able to populate the pipe wall
(very close to the inner surface) with a large number of thermocouples [63]. The surface
temperatures obtained experimentally, after some modification due to the above limitations,
have been imposed as boundary conditions in subsequent heat transfer analyses of the pipe
wall using finite element method (FEM). This represents the first attempt of pipe wall thermal
analyses with experimental wall surface temperature readings.
CFD simulations with LES scheme have proven to accurately predict the fluid
temperatures near the surrounding structure assuming adiabatic pipes [48]. In these cases, the
simulated fluid temperature fields at the wall boundary can be used as a thermal boundary
condition in subsequent uncoupled heat transfer analyses of the pipe wall employing a heat
transfer coefficient approach [5].
Recently, a more advanced approach for determination of wall temperatures uses
CFD-LES analyses with conjugate heat transfer (CHT) [18, 64-68]. CHT stands for
simulations where the heat conduction in the wall and the fluid convection are computed
simultaneously. This type of simulations has created its own research field. When coupled
with experimental data for validation of the computed fluid flow, it allows studying the fluid
and also heat transfer characteristics [69] which are difficult to get through experiments.
Regardless of the recent fast improvements in the CFD field, however, it is well known that
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the computational resources and time for accurate CFD simulations are restrictive. Even with
the use of large computing resources, the computing times are in the order of weeks or even a
month for a few seconds of simulated real time. And the results are very dependent on the
specific configuration that has been modeled. Nevertheless, the validation of this type of
computer codes and simulations is still ongoing through national and international projects
(see [56, 62, 68] and references therein).
Regardless of the experimental and computational limitations, one practical outcome from
these researches is the estimation of the average heat transfer coefficient under turbulent fluid
mixing circumstances. Experimental studies of turbulent fluid mixing in T-junction [37] have
shown that the Nusselt number dependency on the Reynolds and Prandtl numbers follows
similar characteristics as given by the Dittus-Boelter equation (Section 3.2). However, the
value of the Nusselt number is underestimated. The possible explanations given by the
researchers [37] include the increase of local velocity in the vicinity of the pipe wall and the
higher velocity fluctuations, which may cause the increase of heat transfer. The Nusselt
number is underestimated even in the low velocity regions, the authors say, due to the large
time-averaged turbulent heat flux in the vicinity of the wall. The important outcome of this
research work is an estimated 2 to 4 times larger heat transfer coefficient in turbulent fluid
mixing conditions than that in stationary turbulence conditions. These experimental results
coupled with the estimation of the heat transfer coefficient with the Dittus-Boelter equation
may therefore allow using a simplified linear model for the heat transfer phenomenon between
the complex fluid flow and the pipe wall [70], where the average heat transfer coefficient
employed in the analyses is assumed constant in time and space (Section 3.2).

2.2.3 Structural mechanics analyses for the prediction of thermal stresses
The structural mechanics field aims at predicting the time-dependent strains and stresses
arising in the pipe wall due to the imposed loading, typically with the help of FEM computer
codes. For the case in hand, in practice, the loading is mainly governed by the varying
temperatures in the wall. The mechanical analyses of pipes are possible, mainly, through CFD
simulations of the fluid phenomenon as the source of wall temperature fields. Examples of
such analyses can be found in Refs. [5, 36, 71-74]. Nevertheless, the first attempt to evaluate
the wall temperatures from the experimentally obtained surface temperatures, described in
previous section, has also allowed estimating the wall mechanical response [63].
The outcome of the above studies has shown that temperature fluctuation fields of the
pipe’s inner surface consist of cold and hot spots following mainly an axial movement with
velocity quite close to the main flow velocity [72, 75]. In fact, as already mentioned in
Section 2.2.1 [34], the flow after the T-junction is typically consistent with a Von Karman
street where different vortices are generated after the main flow collides against the branch
flow column. The Karman vortices, or hot and cold spots, released at low frequencies can be
seen as large scale instabilities that may induce thermal changes in the pipe wall. Moreover,
mechanical and fatigue analyses of the “wall-jet” case have shown that the higher stress
fluctuation regions, with also higher predicted fatigue damage, are rather localized and match
the regions of higher temperature fluctuations [36, 63].
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The advantage of mechanical analyses of the piping system should reside in the more
realistic stress fluctuations and global thermo-mechanical state of the structure derived from
the calculations. These state-of-the-art and computationally demanding tools, however,
simulate one specific experimental case. The resolved stress levels are then typically scaled up
to crack initiation levels [36] or, when more realistic cases are simulated, the study of the
structural response is very limited, mainly, due to the complexity of the overall computer
simulation and uncertainties in the involved phenomena [72, 73]. The computational wall
domain, particularly in the mechanical analysis, is usually limited to a reduced section of the
T-junction piping where the fluid mixing occurs [71].

2.2.4 Material science in the thermal fatigue assessment of nuclear piping
Unlike the fluid dynamics, heat transfer and structural mechanics analyses, which are based
on rather accurate mathematical models (equations), material science of thermal fatigue must
rely on less accurate empirical laws. These laws are then employed in the thermal fatigue
assessment regardless of the procedure used to obtain the fatigue driving loads.

Fatigue assessment approaches
σ

σ

Total life (Safe design)
- Fatigue life predicton based on
mechanical fatigue data

- Fatigue life prediction based on
crack growth data
da/dN

x
x x
x xx
Best fit curve
x xx x
x x xx x x
x
Fatigue design curve
(cycles to failure) N

- Best fit curve to mechanical fatigue data (x)
- Fatigue design curve accounts for mean
stresses, material variability, data scatter,
specimen size, surface finish, loading history.

(crack growth rate)

(stress amplitude)

Sa

a

Damage tolerant

Region I Region II
Slow
Power law
crack
da/dN = C(ΔK)m
growth

ΔKth

ΔKc
Region III
Rapid, unstable
crack growth

(stress intensity factor range) ΔK
ΔK=f(∆σ,a) measure of crack driving force
C, m in power law are material properties
ΔKth , ΔKc: threshold and critical stress intensities

Figure 2.3. Schematic description of fatigue assessment approaches of nuclear components. (left) Total life
approach predicts cycles to failure using the stress amplitude derived from operational history and mechanical
fatigue data. (right) A postulated crack is assumed in damage tolerant approach which predicts crack growth by
Paris law, load history and geometry. Both approaches rely on experimental data and require the stress history of
the component.

There are two main approaches to assess fatigue of structural components [9], shown in
Fig. 2.3. The first approach, called total life or safe design, relies on mechanical fatigue data
to predict the number of cycles to failure given the stress amplitude deduced from the inservice stress history. The second approach is a damage tolerant approach which assumes an
existing crack on the component. The latter approach follows the fracture mechanics theory to
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define the crack propagation driving force, named stress intensity factor, as a function of the
geometry and the load acting on the component. For a given material, the range of the stress
intensity factor characterizes the crack growth rate following the Paris law [76], which is
quantified experimentally. Thus, the aim of this fatigue assessment approach is to quantify the
crack growth during in-service conditions.
It is worth pointing out that both approaches require the stress histories acting on the
component and rely on experimental fatigue data. The fatigue assessment presented in this
dissertation is based on the total life approach aiming at the safe design of nuclear
components. The operational life assessment of cracked components, by the damage tolerant
approach, is therefore left as possible future work in the topic.
The fatigue assessment based on the total life approach may use either the best fit curve to
assess fatigue likelihood or the fatigue design curve to actually safely design the component
against fatigue. The best-fit curve, also called mean fatigue curve, is the fit curve to the
experimental fatigue-strain-vs.-life (𝜖-𝑁) data of mechanical fatigue testing campaigns, which
generally include testing of many specimens at different levels of strain amplitude. This is
further explained below.
Many parameters may influence the experimental fatigue life such as mean stress/strain of
the load history [77-79], specimen size, surface finish [80], the load history itself [81],
material variability of tests specimens and data scatter of the results for the same load history.
Note that typical fatigue tests are performed with predominantly single frequency triangular or
sinusoidal load histories and that the influence of all these parameters on fatigue lives is still
being analyzed at present time. Fatigue assessments based on the best-fit curves are therefore
challenging since analysts should have knowledge of these, component and loading,
parameters during the in-service conditions. Different factors have to be applied on the best-fit
curve or loading to account for these parameters during the fatigue assessment [4]. The fatigue
design curve, on the other hand, is obtained from the best-fit curve and experimental
correlations to consider, conservatively, the effects on fatigue life of these parameters.
2.2.4.1 Fatigue design curves
Reference fatigue design curves for structural steels can be found in Section III,
Subsection NB, of the ASME Boiler and Pressure Vessel Code [82]. The initially estimated
number of cycles during the design life of a component was in the order of thousands.
Therefore, the ASME low-cycle and uniaxial fatigue (best-fit) curves were created by testing
cylindrical specimens under fully reversed (zero mean stress, tension-compression) strain
controlled tests. The fatigue design curves given in the ASME code for steels are obtained
assuming linear elastic response to define the stress from the imposed strain load. The best-fit
curve is first corrected for the mean stress effects, using the modified Goodman relationship,
and then by the adjustment factors of 2 on stress amplitude or 20 on number of cycles,
whichever is more conservative [80]. This latter correction accounts for the unquantified and
unknown parameters influencing the fatigue life of components.
New fatigue testing campaigns for typical structural steels in the nuclear industry have
been carried out worldwide since the initial ASME fatigue data. Within the NUREG/CR-6909
project [80], which aimed at evaluating the effect of pressurized water reactor (PWR)
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environment on fatigue, it was found that the ASME-2007 fatigue design curve for austenitic
stainless steels was not conservative in the high-cycle fatigue region (𝑁>105 cycles). A new
fatigue design curve was therefore proposed following the same derivation procedure,
however with adjustment factors of 2 on stress amplitude and 12 on number of cycles aiming
at the same level of conservatism. The NUREG fatigue design curve proposal for austenitic
stainless steels, see Fig. 2.4, has been adopted by ASME since 2010 and it is employed in the
fatigue predictions in this dissertation.

Figure 2.4. The ASME-2007 and NUREG/CR-6909 fatigue design curves for austenitic stainless steels in air.
ASME curves A and C were used in fine and rough surface finish conditions, respectively. The NUREG curve
developed with new high-cycle fatigue experimental data is employed for the calculations in this dissertation.

Nevertheless, interesting discussions are being held in this field about the mere realization
of the fatigue curves. For instance, the ASME curves were obtained by testing the specimens
to failure. On the other hand, the fatigue life is generally defined as the number of strain
controlled cycles for the tensile stress to decrease 25% from its peak or steady-state value.
This corresponds to approximately the number of cycles for a 3mm-deep “engineering crack”
in the test specimens [80]. The definition of fatigue life based on loss of structural integrity of
test specimens or crack lengths, the measure of which may be challenging by itself, is crucial
for the generation of fatigue curves (see discussion in Section 2 of Ref. [83] and discussion
section in Ref. [70]).
2.2.4.2 Multi-axial loading
Early researches in thermal fatigue recognized that fluid temperature fluctuations near the
surface of the component could generate multi-axial stress state at or close to it [83-88].
Furthermore, assuming that no other loads act on the component without discontinuities,
almost perfect equi-biaxial stress state is induced at the surface where the normal stress tensor
components in the surface directions are almost identical and with the vanishing normal stress
component in the thickness direction and all shear components. The physical interpretation for
the surface equi-biaxility stress state can be explained as follows. When the temperature of the
fluid changes locally it induces a temperature change in a thin layer of surface material, see
Fig. 2.5. The expansion or contraction of this layer is partially constrained by the wall’s
rigidity, i.e. the neighboring material volumes at different temperature. These internal
constraints prevent, to some extent, the thermal expansion/contraction in the surface directions
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and generate the thermal stresses. Strictly at the surface, a plane-stress state is induced. Thus,
the governing loads on the material are, thermally, strain-controlled.
The oscillating surface equi-biaxility stress state may generate a network of cracks known
as “elephant skin” without any preference in crack orientation [83, 86]. The rather fast
temperature changes of the fluid coupled with the heat transfer phenomenon restrict the wall
temperature fluctuations and the crack network in the thin layer of surface material. Under
these conditions it is believed that through-wall crack propagation is unlikely to occur. It is
also known that local geometric and material discontinuities such as welds or surface finishing
(roughness) are locations where cracks initiate more frequently due to the presence of, e.g.,
residual stresses, material property gradients, different microstructures and geometrical
discontinuities. Crack propagation towards through-wall cracks appears to be also more likely
at such locations where brittle material regions may exist [32, 89] and it is believed to be
greatly influenced by the 3D global thermo-mechanical state of the structure [30]. It is usually
said that the local stress fluctuations induced by fluid temperature changes are over-imposed
on a mean stress field of the structure [4].

𝑇w

𝜎

Figure 2.5. (left) Pipe wall being cooled down from the inner surface uniformly. (right) Equi-biaxial thermal
stresses in axial and hoop directions arise at the surface away from the free boundaries.

The early thermal fatigue experimental researches focused on the prediction of crack
initiation and propagation under low-cycle regime employing controlled fluid conditions that
characterized the thermal loads [30, 83-86]. These researches aimed at evaluating the severity
of multi-axial loading of thermal nature (mostly biaxial) versus the typical uniaxial loading
used in mechanical fatigue testing. The difficulty of characterizing these multi-axial thermal
fatigue tests is twofold: (i) the strain-stress driving loads should be deduced by dedicated
thermo-mechanical analyses with parameters that have to be calibrated against experimental
temperature measurements and (ii) a multi-axial fatigue criterion has to be selected in order to
define a uniaxial-equivalent parameter to compare the experimental fatigue life. Typically, the
computed equivalent surface strain is plotted versus the number of cycles to fatigue life and
compared with uniaxial data. Under these conditions, thermal fatigue appears to be more
damaging than uniaxial fatigue [83].
Results of purely mechanical multi-axial fatigue testing, however, do not yield the same
conclusions for some conditions. The researchers use a pressurized disk facility where
pressurized air is supplied, alternately, to both sides of a thin material disk. The strains at the
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center of the disk, where the cracks start to form, are measured by strain gauges. In this case,
the results of equivalent strain-versus-fatigue life under equi-biaxial and uniaxial mechanical
fatigue tests are similar [90]. Similar results are also obtained with equi-biaxial fatigue tests
with cross-specimens [91]. The authors of this latter research conclude that neither thermomechanical nor isothermal fatigue of cross-specimens cause reduction of the number of cycles
to crack initiation when compared to uniaxial loading. Nevertheless, biaxial fatigue tests with
cross-specimens [92] have also shown that non-proportional stress histories (different stresses
in the two loading directions) may be, on the other hand, particularly damaging. The equibiaxial tests performed in the latter work were tension-tension and proved also more
damaging than uniaxial fully-reversed.
The differences between multi-axial mechanical and thermal fatigue tests could be
explained by the structural mean stresses induced by the global temperature gradients and
clamping conditions of the thermal fatigue specimens [30] influencing the fatigue life [93,
94]. Thermal fatigue tests performed on smaller specimens under fast and controlled high
frequency induction heating and water spray cooling also showed higher material damage
[95]. The authors of this research compared the fatigue lives under thermal fatigue directly to
the ASME fatigue design curve and concluded that the safety factor on strain amplitude is
decreased from the initial 2 to about 1.5. This could indicate, in principle, that the ASME
curve could still be valid for thermal fatigue design assessment. Thermal fatigue research
continues elsewhere [96] with new testing devices and improved thermal load control and
measurement of material response.
A criterion is typically needed in order to transform the multi-axial stress/strain loading
conditions to the ones equivalent to the available, typically uniaxial, experimental fatigue
data. Many criteria have been developed in the last years which, in fact, try to describe the
nature of the crack driving force during initiation and early propagation [97, 98]. The validity
of these criteria, however, is still under discussion [86, 94]. Fatigue predictions employing the
most reliable criteria seem to correlate rather well with the uniaxial loading fatigue
experiments. However, the same criteria fail to correlate the bi-axial experimental fatigue
lives [99]. Specially in the high-cycle regime, where the crack initiation stage may take up to
90% of the fatigue life, the fatigue predictions are rather challenging since early fatigue crack
is greatly influenced by the material local microstructure [83].
2.2.4.3 Random loading in the high-cycle regime
The possibly random nature of the fluid temperatures during turbulent mixing presents multifrequency and variable amplitude content. Typically, the resulting thermal strains/stresses at
the pipe surface reside mostly in the high-cycle fatigue regime.
The fatigue assessment of components relies on the multi-axial criterion and the fatigue
curve employed for the fatigue life predictions. Based on the discussions presented in
previous subsections, the well-accepted ASME code for design of nuclear power plant
components is considered in the following. The ASME procedure for varying principal stress
direction [82], explained in detail in Section 3.4 and Appendix B, is a multi-axial criterion
that defines a uniaxial-equivalent stress out of the stress tensor based on the maximum shear
stress theory [100]. The equivalent stress takes into account the non-proportionality of the
stress tensor components but deliberately omits static loads such as mean stresses. The latter is
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already taken into account in the generation of the fatigue design curve. This equivalent stress
amplitude is employed with the NUREG curve, Fig. 2.4, to derive the allowed number of
cycles to failure. In the high-cycle regime it is well accepted that there is no influence of
reactor environment in the fatigue development [101]. Moreover, under variable amplitude
loadings the ASME procedure stipulates that the damage of individual amplitudes contributes
to the total damage through the linear damage accumulation “Palmgren-Miner” rule (see
Section 3.4). It is known that this rule does not account for the fatigue sensitivity to load
sequence [98] which is, again, considered in the factors deriving the fatigue design curve from
the best-fit curve.
The ASME procedure, however, does not have specific rules for fatigue assessment under
random-like loading. It is generally accepted that, under these circumstances, the fatigue
assessment requires a cycle counting method to obtain a set of stress reversals and the number
of counts from the equivalent stress history [9, 98]. There are several counting methods in the
literature [102, 103]. The most commonly used elsewhere is the well-known rainflow cycle
counting method [98] (Appendix C). This has been shown to deliver satisfactory predictions
under complicated stress-strain histories [104].

2.3 Synthesis of approaches in the thermal fatigue assessment
The methodologies employed in the thermal fatigue assessment of piping under turbulent fluid
mixing can be divided, at the top level and for the sake of synthesis, between the approaches
that employ a three-dimensional (3D) model of the piping system or a simplified
one-dimensional (1D) pipe model, Fig. 2.6.
The 1D approach is widely used in practice for thermal fatigue assessment of structural
components typically avoiding the complexity of the 3D fluid-thermo-mechanical analyses
described in previous sections. In this case, the fluid or surface temperature is anticipated at a
single point and thermal, mechanical and fatigue analyses are performed assuming that the
pipe wall temperature varies only in the radial (through-thickness) direction. When fluid
temperature histories are available, the uncoupled thermal analyses of the 1D pipe wall use an
average heat transfer coefficient with the linear heat transfer model. Furthermore, the assumed
axial symmetry and uniformity in the axial direction of the wall temperatures in the 1D
approach allows for the derivation of analytical expressions of stresses from the thermoelasticity theory (Section 3.3.2).
In the literature, a wide variety of temperature history types have been used in the 1D
approach. The dedicated fluid mixing experiments have provided fluid and wall temperature
histories that serve as representative inputs for these analyses [70]. In a similar way, fluid
temperature histories from CFD simulation results can also be employed [105]. In either case,
the temperature histories are representative of the specific fluid configuration and rather
limited in time length.
In the 1D approach, the use of synthetically generated temperature histories, such as the
sinusoidal (SIN) method and spectral loading approaches, has also been proposed because
these are much easier to apply and computationally very affordable [106, 107]. The 1D
approach has been developed, for total life and damage tolerant fatigue assessments (Fig. 2.3),
assuming fluid [4, 108, 109] and surface temperatures [110, 111]. Note that in the latter
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fluid/wall heat transfer is omitted. The major drawbacks of these methods include
consideration of single, although critical, frequency in the SIN-method [4], or random phases
in spectral approaches [112, 113], which effectively narrow down the simulated fluid
temperature fluctuations to Gaussian ones. The synthetic 1D approach is deemed to yield
conservative life time estimates because of the non-realistic fluid temperatures assumed to
represent the worst case (see discussion in the introduction of Refs. [5, 112]).
Thermal Fatigue Assessment under turbulent mixing conditions
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Figure 2.6. Schematic representation of the interdisciplinary approaches in the thermal fatigue assessment. The
methodologies for the acquisition of fluid temperatures are listed in more detail. The red-dashed boxes
emphasize the contribution of this dissertation within the assessment. Nomenclature: CFD-computational fluid
dynamics, RANS-Reynolds average Navier-Stokes, LES-large eddy simulation, CHT-conjugate heat transfer,
FEM-finite element model.

Moreover, the 1D approach intrinsically omits the global response of the structure by
assuming free or clamped conditions in the axial direction of an infinitely long pipe with axial
symmetry and axial uniformity of the wall temperatures. In order to study the differences in
the thermo-mechanical response between 1D and 3D approaches, previous researches
compared idealized fluid temperatures in 1D analyses versus fully resolved 3D analyses of the
pipe wall with fluid temperatures derived from CFD simulations [75, 114]. The results seem
to point to conservatism of the 1D approach. However, the level and extent of this
conservatism has not yet been appropriately quantified.
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2.4 Problem definition
Figure 2.7 summarizes the most important elements of the thermal fatigue assessment, which
are in considerable detail explained in Fig. 2.6.

Thermal fatigue assessment under turbulent fluid mixing conditions
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multi-discipline approach

Fatigue analyses

Fluid
temperatures
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(surface biaxial)

Wall
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Load sequence
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Damage
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Figure 2.7. Summary of the thermal fatigue assessment considered in this dissertation. Except the rainflow
counting method, the ASME procedure for fatigue design takes into consideration most of the particularities of
this type of fatigue. Fatigue life and uncertainty evaluation is proposed by the means of an improved spectrum
loading approach for the generation of fluid temperature histories.

The main difficulty of the assessment seems to reside in the acquisition of fluid and wall
temperatures under turbulent fluid mixing circumstances. The computational intensity of
available CFD tools restricts the results to minutes [67] or less of temperature histories for the
specific fluid configuration [5, 36, 74, 115]. Moreover, the complex and exceedingly timeconsuming experiments and simulations provide only indirect means to estimate the fatigue
life time of the pipes and marginal support to much needed statistical analyses of the
uncertainties inherent to the fatigue phenomena. The variability inherent in the temperature
histories of mixing fluids, due to rather short temperature histories obtained from either
experiments or computational simulations, may be viewed as the overriding contributor to the
uncertainty in the fatigue life prediction. This observation is valid for both 1D and 3D
assessment approaches outlined in Fig. 2.6.
From a fundamental point of view, 1D and 3D approaches differ in the heat diffusion
through the wall which may affect the wall’s mechanical (surface constraint) response.

2.5 Objectives of the dissertation
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Therefore, also the surface stress fluctuation intensity and the equi-biaxial stress state may
differ.
It is also known that the 1D approach intrinsically omits the global response of the
structure. The advantage of the 3D mechanical analyses should, therefore, reside in the
derivation of more realistic stress fluctuations and global thermo-mechanical state of the
structure. However, the computational wall domain is typically limited to a pipe section where
the fluid mixing occurs, possibly influencing the global deformation.
From the total life (design) point of view, the ASME code procedure for varying principal
stress direction considers most of the difficulties for the evaluation of this type of fatigue
except the cycle counting method. The cycle counting method is basically needed to subtract
the stress reversals out of the complicated stress history. To include this point into the fatigue
assessment procedure can be, however, readily accomplished.
The above discussions yield the following open questions:







Current methods to obtain fluid and wall temperatures under turbulent fluid mixing
circumstances are, either, very detailed but expensive (CFD and experiments) or
synthetic approximations. The fatigue assessment methodology, on the other hand, is
common to both methods and relies on experimental fatigue data and correlations to
different parameters.
The uncertainties in fatigue life predictions that arise due to the intrinsic variability of
the turbulent mixing temperature histories have never been estimated.
A proper assessment of the differences between 1D and 3D structural responses to
fluid mixing thermal loads is needed in order to verify their applicability and scope
and to quantify the level and extent of conservatism.
Current 3D mechanical analyses do not consider the entire piping system and this may
influence the global thermo-mechanical state of the structure.

2.5 Objectives of the dissertation
In this dissertation, an improved spectral loading approach is proposed in order to generate
affordable fluid temperatures with the aim to perform numerical studies of the 1D and 3D
structural response of pipes under turbulent fluid mixing circumstances. In support to
experiments and in parallel to the development of CFD codes, it is worthwhile the generation
of 2D, continuous and time-dependent temperature fields that reproduce fluid temperature
statistics from experimental readings at discrete near-wall locations. The synthetic fields of
temperatures should be credible, i.e. preserving the essential attributes of those in fluid mixing
circumstances (temperature statistics, cold/hot spots) while obtained in a parametric, fast and
reliable way. This is achieved through plane-wave decomposition of temperature fluctuations.
The developed fluid temperature fields are then employed to assess thermal and
mechanical responses of piping and the sensitivity analyses highlight the differences between
3D and 1D approaches under equivalent fluid temperatures, for a wide range of heat transfer
related parameters. Moreover, the effect of mechanical boundary conditions on the global
thermo-mechanical state of the 3D structural system is also analyzed. The 3D mechanical
analyses of the studied pipe section include the developed boundary conditions of low
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computational cost that overcome the usual computational limitations and mimic the omitted
parts of the installation.
The improved spectral loading approach, based on synthetically generated temperature
histories, is also proposed in this dissertation to enable fatigue life assessment of pipes with
emphasis on the assessment of uncertainties in the predicted fatigue life.
The synthetic temperature histories employ sets of optimal phases to fully satisfy the
necessary physical constraints of the mixing fluids through the limiting temperatures, the first
two statistical moments and appropriate power spectral density of the measured/calculated
fluid temperature histories. The description and validation of the proposed assessment is
attempted within a rather simple and linear 1D model of the pipe with numerically resolved
time-dependent temperatures and analytical expressions for the linear elastic wall thermal
stresses varying only in the radial direction. This is consistent with the equi-biaxial stress
field, which develops in the pipe surface subjected to variable temperatures away from any
geometrical, structural or material discontinuities. The fatigue lives are predicted for diverse
variations in fluid temperatures following the ASME Nuclear Boiler and Pressure Vessels
codified rules for varying principal stress direction [82], rainflow counting algorithm [102],
linear damage accumulation and the NUREG/CR-6909 design fatigue curve [80].
The proposed work is a scientific contribution in the field of thermal fatigue of structural
materials research related to nuclear safety. The objectives of this dissertation may be listed as
follows:






To evaluate the uncertainties in the fatigue life predictions of pipes in turbulent fluid
mixing conditions from the variability and signal time-length of temperature
histories [116].
To propose an improved spectral loading approach for the generation of fluid
temperatures with affordable computational costs [116, 117].
To quantify the differences in the thermo-mechanical response between 1D and 3D
pipe wall approaches under turbulent fluid mixing circumstances [118].
To develop boundary conditions with low computational cost that mimic the omitted
parts of the installation in 3D mechanical analyses of T-junctions [118].

Chapter 3
Theoretical background
This chapter presents the basic theory supporting the thermal fatigue assessment of pipes
proposed in this dissertation. To this end, the sections below describe the procedures
employed in the relevant fields introduced in previous chapters (see Fig. 2.6) including the
acquisition of fluid temperatures, the heat transfer, mechanical and fatigue analyses. An
evaluation of the uncertainties in the life predictions is also proposed as part of the
probabilistic analysis involved in the fatigue assessment.

3.1 Fluid temperatures
It may be assumed for a short while that the fluid temperature histories 𝑇f (𝑡) at selected points
near the pipe surface are available from dedicated CFD simulations or experiments of
turbulently mixing fluids at different temperatures for the specific flow configuration. The
usual characterization of the temperature variations near the pipe surface in experiments and
numerical exercises [46, 119] employs fluid temperature statistics such as the mean, 〈𝑇f 〉, and
the variance ,𝑇fvar :
𝜏

1

〈𝑇f 〉 = ∫0 𝑇f (𝑡)𝑑𝑡,
𝜏
𝐹f (𝑡) = 𝑇f (𝑡) − 〈𝑇f 〉,
1

(3.1)

𝜏

𝑇fvar = 𝜏 ∫0 𝐹f 2 (𝑡)𝑑𝑡
defined in the time domain 𝑡 of length 𝜏 and where 𝐹f (𝑡) stands for the fluid temperature
fluctuations. In the frequency domain 𝑓, the temperature variations are typically represented
through their power spectral density (PSD), 𝑃(𝑓), which may be defined as:
𝑃(𝑓) =

2
|ℱ(𝑓)|2
𝜏

(3.2)

through the Fourier transform of the fluid temperature fluctuations:
∞

ℱ(𝑓) = ∫−∞ 𝐹f (𝑡)𝑒 𝑖2𝜋𝑓𝑡 𝑑𝑡.

(3.3)

The PSD in Eq. (3.2) is defined over positive frequencies (one-sided) and assuming a real
valued signal 𝑇f (𝑡) of finite length. In this way, the Parseval’s theorem states that the integral
of the 𝑃(𝑓) over the frequencies equals the variance of the signal 𝑇fvar [120]:
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∞

𝑇fvar = ∫0 𝑃(𝑓)𝑑𝑓.

(3.4)

The pipe wall temperatures and the resulting stress histories at the corresponding wall
points may also be known as the outcome of thermal and mechanical analyses. As the field
experience has shown, the fatigue life times of pipes surrounding the turbulent mixing of
fluids may be in the order of days, weeks or months. However, the fatigue analyses must
extrapolate these rather long lives from the rather short temperature histories, in the order of
seconds or minutes, as obtained from CFD simulations and experiments. Moreover, the
complex and exceedingly time-consuming experiments and simulations provide only marginal
support to the much needed statistical analyses of the uncertainties inherent to the fatigue
phenomena.
The synthetic methods are known to be much easier to apply and computationally very
affordable. The first attempt to overcome the above limitations, the so-called SIN-method [4,
106] (Section 4.1), assumes that the fluid temperature histories 𝑇f (𝑡) follow a sinusoidal
signal:
𝑇f (𝑡) =

∆𝑇
sin(2𝜋𝑓𝑡)
2

(3.5)

with frequency 𝑓 and amplitude ∆𝑇 = 𝑇fhot − 𝑇fcold representative of the difference between
the minimum (𝑇fcold) and maximum (𝑇fhot ) temperatures of the mixing fluids. This assumption
does not account for the multi-frequency and variable amplitude content of the turbulently
mixing temperatures, i.e. their PSD, nor for their mean and variance. The typical spectral
loading approaches [106, 112], on the other hand, allow for the generation of temperature
histories with an imposed PSD, variance, and a mean temperature. However, the synthetically
generated temperatures by the spectral approach are Gaussian distributed, which generally
does not ensure that the limiting fluid temperatures will be followed.
Table 3.1. Physical constraints of fluid temperatures reproduced by the synthetic methods.

SIN-method
Typical spectral
approach
Improved spectral
approach

amplitude ∆𝑇

mean 〈𝑇f 〉

variance 𝑇fvar

PSD





















In this dissertation an improved spectral loading approach, based on synthetically
generated temperature histories, is proposed to enable fatigue assessment of piping together
with the assessment of uncertainties in the predicted fatigue life. The synthetic temperature
histories employ sets of optimal phases to fully satisfy the necessary physical constraints of
the mixing fluids through the limiting temperatures, the first two statistical moments and
appropriate power spectral density of the measured/calculated fluid temperature histories,
Table 3.1. This approach, built upon the typical spectral loading approach, is described in
detail first.
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The spectral loading approach is then extended in order to generate fluid temperature fields
in a less expensive fashion than full CFD simulations. The next goal includes the numerical
studies of the 3D structural response of pipes under fluid turbulent mixing circumstances. The
generated 2D, continuous and time-dependent temperature fields reproduce fluid temperature
statistics from experimental/computed readings at discrete near-wall locations. The synthetic
fields replicate the fluid temperatures near the pipe’s inner surface during turbulent mixing of
fluids through plane-wave decomposition of temperature fluctuations.
The spectral loading approach presented below is employed along this dissertation to
generate fluid temperatures. It should be noted, however, that the approach could be used
instead to generate wall surface temperatures with different sets of input data.

3.1.1 Generation of fluid temperature histories
An improved spectral loading approach is developed in this section in order to generate fluid
temperature histories at a selected point anywhere along the pipe surface. The spectral loading
approach includes the approximation of the fluid temperature fluctuations 𝐹f (𝑡) in the time
domain 𝑡 ∈ [0, 𝜏], Eq. (3.1), with a harmonic superposition of the form [112, 121]:
𝐾⁄2

𝐹f (𝑡) = ∑ 𝐴𝑗 cos(𝜔𝑗 𝑡 + 𝜑𝑗 )

(3.6)

𝑗=1

where 𝐴𝑗 stands for the amplitude of the jth harmonic, 𝜑𝑗 is the phase, 𝜔𝑗 = 2𝜋𝑓𝑗 is the
angular frequency and 𝐾 is the number of temperature readings taken at a constant time
interval Δ𝑡. The fluid temperature history 𝑇f (𝑡) is then obtained by addition of the imposed
mean temperature 〈𝑇f 〉 to the modeled fluctuations 𝐹f (𝑡), which by definition have zero mean.
In order to prescribe also the power spectral density and variance to the modeled 𝐹f (𝑡), the
discrete time is defined as 𝑡𝑖 = (𝑖 − 1)Δ𝑡 for 𝑖=1,2,…, 𝐾 yielding the discrete temperatures
𝑇f,𝑖 = 𝑇f (𝑡𝑖 ), fluctuations 𝐹f,𝑖 = 𝐹f (𝑡𝑖 ) and the mean and variance, conveniently defined as:
1

〈𝑇f 〉 = ∑𝐾
𝑖=1 𝑇f,𝑖 ,
𝐾

𝑇fvar

=

1

∑𝐾 (𝑇
𝐾 𝑖=1 f,𝑖

2

(3.7)

− 〈𝑇f 〉) .

Then, using the discrete frequency domain 𝑓𝑗 = 𝑗⁄𝐾Δ𝑡 for 𝑗=1,2,…,𝐾/2 the variance in
Eq. (3.7) becomes phase-independent:
𝐾

2
𝑇fvar = ∑𝑗=1

𝐴2𝑗
2

𝐾
2
= Δ𝑓 ∑𝑗=1
𝑃𝑗 .

(3.8)

Note that all the harmonics’ frequencies in the range [Δ𝑓, 𝑓𝑐 ] are limited by the Nyquist
frequency 𝑓𝑐 = 1⁄(2Δ𝑡) and they are multiple of the frequency interval Δ𝑓 = 1⁄(𝐾Δ𝑡). This
is really appropriate as the variance can be correlated with the power spectral density
following Parseval’s theorem [120], Eq. (3.4), which is represented by the second equality in
Eq. (3.8). 𝑃𝑗 is the normalized and discrete PSD defined as:
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𝑃𝑗 =

2Δ𝑡
2
|ℱ𝑗 |
𝐾

(3.9)

where
𝑖2𝜋(𝑛−1)𝑗/𝐾
ℱ𝑗 = ∑𝐾
𝑛=1 𝐹f,𝑛 𝑒

(3.10)

is the discrete Fourier transform of the discrete temperature fluctuations. The normalization
factor in 𝑃𝑗 sets its level independent of time and frequency intervals and includes the factor 2
for one-sided PSD defined for positive frequencies. Then, from Eq. (3.8), the amplitudes 𝐴𝑗
can be directly expressed as:
𝐴𝑗 = √2Δ𝑓𝑃𝑗

(3.11)

such that the temperature fluctuations follow an imposed PSD derived either from
experimental time histories [112] or from the theory of turbulent flow [122]:
−5⁄6

𝑇fvar
𝑓 2
𝑃(𝑓) = 0.475
[1 + ( ) ]
𝑓0
𝑓0

(3.12)

which has been suggested for the one-dimensional spectra of temperature fluctuations in case
of isotropic turbulence. The theoretical PSD in Eq. (3.12) depends on the input variance and
the transition frequency 𝑓0 , Fig. 3.1. The constant term ensures that the integration of
Eq. (3.12) in the frequency range 𝑓=[0, ∞] yields the expected variance 𝑇fvar . The use of
Eq. (3.12) in a discrete frequency domain [Δ𝑓, 𝑓𝑐 ], however, yields lower variance than the
input value. This is shown in Fig. 3.1 for different 𝑓0 values and the input variance 𝑇fvar =1°C2.

Figure 3.1. Power spectral density defined in Eq. (3.12) for three different values of 𝑓0 . The value of the
integrals, in legend, shows a lower total power content than the input variance, 𝑇fvar =1°C2, due to frequency
discretization with 𝐾=1024 and Δ𝑡=0.02s.

It is customary in the spectral loading approaches [106, 107, 112] that the phases 𝜑𝑗 in
Eq. (3.6) are assumed to follow the uniform distribution 𝒰(0,2𝜋). Since the temperature
fluctuations, 𝐹f (𝑡), are obtained as a linear superposition of harmonics with 𝜑𝑗 random
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arguments, it follows from the Central Limit Theorem that for large 𝐾 the 𝐹f (𝑡) will be
normally distributed around the 0 mean. The fluid temperature histories 𝑇f (𝑡), obtained by
addition of the mean temperature 〈𝑇f 〉 to the modeled fluctuations, are therefore also normally
distributed and very likely to exceed the physical limits clearly imposed by the temperatures
of the mixing fluids.
3.1.1.1 Determination of phases
In the improved spectral loading approach, the physical limits of the fluid temperatures are
numerically enforced by optimizing the initially uniformly distributed phases 𝜑𝑗 with a
multidimensional minimization process of the error function (Fig. 3.2):
𝜙

𝐸𝑟𝑟𝑜𝑟(𝜑𝑗 ) = ∫ [(𝑇f − 𝑇fhot ) ⋅ ℋ(𝑇f − 𝑇fhot ) + (𝑇fcold − 𝑇f )

𝜙

(3.13)

⋅ ℋ(𝑇fcold − 𝑇f )] 𝑑𝑡

using the Powell’s method [120]. In the error function, 𝑇f stands for the temperature signal
𝑇f (𝑡) and ℋ(𝑇) is the Heaviside function. The exponent 𝜙 ≥ 2 may be chosen to speed up the
convergence of the minimization process which has 𝐾 ⁄2 dimensions equal to the number of
phases 𝜑𝑗 in the modeled fluctuations 𝐹f (𝑡). Consecutive iterations of the minimization
process evaluate the portions of the temperature signal outside the prescribed limiting, 𝑇fcold
and 𝑇fhot , temperatures of the mixing fluids for the selected set of phases, Fig. 3.2.

𝑇f

𝐸𝑟𝑟𝑜𝑟 𝜑𝑗 =

+

Distribution

𝑇fhot

𝑇fcold

𝑡
𝑇f using random (

𝑇fcold
) and optimal (

𝑇f

𝑇fhot

𝑇f

) phases 𝜑𝑗

Figure 3.2. Sketch of the error function evaluation, 𝐸𝑟𝑟𝑜𝑟(𝜑𝑗 ), within the multidimensional minimization
process (left) in the time domain and (right) in the distribution of fluid temperatures 𝑇f (𝑡). The regions outside
the limiting 𝑇fhot and 𝑇fcold values are minimized by the optimal set of phases 𝜑𝑗 .

The minimization process ends when the optimal set of phases delivers a temperature
signal 𝑇f (𝑡) laying within the limiting temperatures with the prescribed tolerance 𝜀𝑇 :
𝑇fcold (1 − 𝜀𝑇 ) ≤ 𝑇f (𝑡) ≤ 𝑇fhot (1 + 𝜀𝑇 ).

(3.14)
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Recall that the imposed statistics in the temperature signal are independent of the phases 𝜑𝑗
by construction. Therefore, different temperature history samples within the stipulated limits,
the same mean 〈𝑇f 〉 and PSD-𝑇fvar statistics can be obtained with the approach through
different sets of initial random phases 𝜑𝑗 . Moreover, the optimal set of phases, if different
than the initial random set, will deliver a non-Gaussian distribution of the fluid temperatures
(Fig. 3.2-right).
The success of generating temperature histories in the shortest time possible relies on the
fast computation of the error function, Eq. (3.13), which requires the evaluation of the
temperature histories 𝑇f (𝑡) for all time intervals. The approach has been implemented in C
language and the computation of the signal, within the minimization process, has been
parallelized in time domain using Message Passing Interface (MPI) [123].
It is now convenient to define the normalized fluid temperatures, 𝑇̃f (𝑡), the normalized
mean temperature, 〈𝑇̃f 〉, and the normalized root-mean-square temperature, 𝑇̃frms , as:
cold

𝑇 (𝑡)−𝑇
𝑇̃f (𝑡) = f ∆𝑇 f

,
cold

〈𝑇 〉−𝑇
1
〈𝑇̃f 〉 = ∑𝐾
𝑇̃ = f ∆𝑇f
𝐾 𝑖=1 f,𝑖

,

(3.15)

1
𝑇̃frms = ∆𝑇 √𝑇fvar .

Note the temperature difference Δ𝑇 = 𝑇fhot − 𝑇fcold between the temperatures of the mixing
fluids. The normalized notation may be employed up to the evaluation of fatigue life where
Δ𝑇 plays a significant role. This is possible due to the assumed linearity of the heat transfer
and mechanical analyses with respect to the fluid temperature difference Δ𝑇, as described in
Sections 3.2 and 3.3.

Figure 3.3. (left) Temperature histories generated following the theoretical PSD profile and (right) their
distributions, using 𝐾=1024, Δ𝑡=0.02s with 〈𝑇̃f 〉=0.3 and 𝑇̃frms =0.18. The temperature history with a random set
of phases 𝜑𝑗 , yielding a symmetric distribution, is compared to the temperature history within prescribed
temperature limits with optimal 𝜑𝑗 obtained in the minimization process, yielding a non-symmetric distribution.

Figure 3.3 shows an example of two temperature histories, and their distributions,
generated with sets of random and optimal phases, the latter obtained with the minimization
process. Both temperature histories follow the theoretical PSD given by Eq. (3.12) with
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𝑓0 =1 Hz. The temperature history with optimal set of phases is then compared in Fig. 3.4 with
another optimal temperature history which reproduces an experimental PSD. The
experimental PSD was obtained in Ref. [112] at the location of 4 diameters downstream of the
T-junction in the right side, i.e. where the highest fluid temperature fluctuations near the pipe
surface were recorded.

Figure 3.4. (left) Temperature histories generated within prescribed temperature limits that reproduce (right)
theoretical and experimental PSD profiles (experimental PSD from Ref. [112] at D4-Right location). 𝐾=1024,
Δ𝑡=0.02s with 〈𝑇̃f 〉=0.3 and 𝑇̃frms =0.18.

The optimal temperature histories in Figs. 3.3 and 3.4 have been generated between
normalized (0 and 1) limiting fluid temperatures, using 𝐾=1024 time points and time
increment Δ𝑡=0.02 s. All temperature histories share the same mean temperature 〈𝑇̃f 〉=0.3 and
variance 𝑇̃frms =0.18, i.e. the area below the PSD. The optimal temperature histories generated
with the proposed approach share the same parameters in the minimization process of the
phases 𝜑𝑗 , i.e. the exponent 𝜙=2 and tolerance 𝜀𝑇 =10-7.
It can be noted from Fig. 3.3 that the distribution of temperatures with optimal set of
phases has lost the symmetry. This is a necessary condition for the temperatures to remain
within the stipulated limits with the imposed statistics. Nevertheless, this behavior can also be
appreciated from experimental data of temperature readings in the Vattenfall facility [112].
Otherwise, the set of random phases yields Gaussian distributed temperature histories, as it is
customary in typical spectral loading approaches.
The similarity of the temperature signals in both time and frequency domains in Fig. 3.4
validates Eq. (3.12) with 𝑓0 =1 Hz to be used in the theoretical study presented in later chapters
of this dissertation. Note that similar PSD profiles of fluid temperature fluctuations were also
obtained at different locations near the pipe surface of the Vattenfall facility [46, 112] and in
different T-junction configurations [34, 64]. The influence of PSD profile on the thermomechanical response of the pipe wall and fatigue life predictions is, nevertheless, also studied
in Section 4.2. For completeness, it is worth recalling that the peak frequency at about 4 Hz in
the experimental PSD (see Fig. 3.4-right) is typical in T-junction fluid mixing where a Von
Karman street vortex is usually formed after the collision of the main flow with the branch
flow [34, 36, 37].
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3.1.1.2 Definition of a temperature variation space
The space spanned by all possible values of 〈𝑇̃f 〉 and 𝑇̃frms is defined as temperature variation
space in Fig. 3.5.

Figure 3.5. Definition of the temperature variation space in turbulent fluid mixing circumstances as a function of
the normalized mean 〈𝑇̃f 〉 and root-mean-square 𝑇̃frms of the fluid temperature distributions. The space is limited
theoretically by the Max_01 curve representative of temperature histories oscillating exactly between 0 and 1.
Max_PSD curve is a lower limit of the space obtained numerically due to the imposed PSD in the temperature
histories. The symbols for Vattenfall [46] and Hu [119] denote temperature histories near the pipe surface in Tjunction fluid mixing experiments. SIN=(1⁄2 , 1⁄2√2) symbol depicts temperatures following sinusoidal
signals.

Following Eqns. (3.7) and (3.15) and recalling that the normalized fluid temperatures are
always bounded by 0 and 1 limits the temperature variation space to 0 ≤ 〈𝑇̃f 〉 ≤ 1 and:
max (𝑇̃frms (〈𝑇̃f 〉)) = Max_01(〈𝑇̃f 〉) = √〈𝑇̃f 〉(1 − 〈𝑇̃f 〉).

(3.16)

The limit defined in Eq. (3.16) (curve Max_01 in Fig. 3.5) essentially requires that the
normalized temperature history jumps exactly between 0 and 1. This is not consistent with the
physical nature of the turbulent fluid mixing and does not satisfy the PSD in Eq. (3.12). All
temperature variations which do satisfy the PSD are therefore limited to a slightly smaller
space, approximately bounded by the numerically derived curve Max_PSD (Fig. 3.5).
The thermal fatigue of piping could therefore occur anywhere in the space below the
Max_PSD curve in Fig. 3.5. Data from three experimental facilities of turbulent fluid mixing
in T-junctions [46, 119], depicted as colored symbols in Fig. 3.5, clearly do not cover the
whole temperature variation space. It is also noted that the SIN-method (explained in
1 1
Section 4.1) with (〈𝑇̃f 〉, 𝑇̃frms ) = ( , ) and depicted in Fig 3.5 as point SIN, does not match
2 2√2

the conditions of the three experimental facilities.
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3.1.2 Generation of fluid temperature fields
The approach for the generation of surface temperature fields is presented in this section. The
two-dimensional space, defined in the near wall region of the pipe’s inner surface downstream
of a T-junction where two fluids at different temperatures mix together, is delimited by the
inner perimeter of the pipe and its length (l). Both dimensions are normalized by the inner
radius of the pipe (𝑟i ) leading to dimensionless coordinates (𝑧, 𝜃) where 𝑧 ∈ [0, 𝑙 ⁄𝑟i ] and
𝜃 ∈ [0,2𝜋).
To introduce spatial dependency, a simple extension of Eq. (3.6) is proposed by adding
position-dependent amplitudes and phases:
𝐾
2

𝐹f (𝑧, 𝜃, 𝑡) = ∑𝑗=1 𝐴𝑗 (𝑧, 𝜃) cos (𝜔𝑗 𝑡 + 𝛩𝑗 (𝑧, 𝜃)).

(3.17)

In this way, the temperature fluctuations fields are defined as a linear superposition of planewaves. The temperature fluctuation fields 𝐹f (𝑧, 𝜃, 𝑡) include the frequency dependent
amplitude fields 𝐴𝑗 (𝑧, 𝜃), obtained in all field points following the 1-point procedure
described in Section 3.1.1. This ensures the power spectral density distribution of the
fluctuations at field locations. The position-dependent phases:
𝛩𝑗 (𝑧, 𝜃) = 𝑘𝑗𝑧 𝑧 + 𝑘𝑗𝜃 𝜃 + 𝜑𝑗

(3.18)

include the (also dimensionless) wave numbers 𝑘𝑗𝑧 and 𝑘𝑗𝜃 in the axial and circumferential
directions. The rest of parameters in Eqs. (3.17) and (3.18) are identical to those in Eq. (3.6).
As explained in the literature (Section 2.2.3), thermal response studies of the pipe wall
under thermal loads from turbulent mixing in T-junctions have shown that the temperature
fluctuation fields of the pipe’s inner surface consist of cold and hot spots following mainly an
axial movement with velocity quite close to the main flow bulk velocity [72, 75]. In fact, as
explained in Ref. [34], the flow after the T-junction is consistent with a Von Karman street
where different vortices are generated after the main flow collides against the branch flow
column. The Karman vortices, or hot and cold spots, released at low frequencies can be seen
as large scale instabilities that may induce thermal changes in the pipe wall. Hence, the axial
velocity of the modeled spots within the fluid temperature fluctuations fields should be
consistent with the main flow velocity. This has been implemented here by setting the phase
velocity 𝑣 in axial direction of all harmonics in the fields to be constant and equal to the main
flow bulk velocity:
𝑣=

𝜔𝑗
𝑘𝑗𝑧

𝑉

=𝑟

(3.19)

i

which has the units of 𝜔𝑗 . For spots moving along positive axial direction, the wave numbers
therefore obey:
𝑘𝑗𝑧 = −

2𝜋𝑓𝑗
𝑣

.

(3.20)

In the circumferential direction, the only assumed constraint at this stage is that average
velocity is zero, i.e. without net rotating movement along the pipe. Then, the distribution of
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wave numbers in circumferential direction, 𝑘𝑗𝜃 in Eq. (3.18), should be symmetric around
zero. Another role of 𝑘𝑗𝜃 is that they must ensure the circumferential symmetry of our domain,
𝐹f (𝑧, 0, 𝑡) = 𝐹f (𝑧, 2𝜋, 𝑡), so 𝑘𝑗𝜃 should be an integer number. Therefore, 𝑘𝑗𝜃 are chosen here
from a uniform distribution of integers:
𝑘𝑗𝜃 ∈ 𝒰[−𝜍, 𝜍]

(3.21)

defined by parameter 𝜍. Parameter 𝜍 influences the size and shape of the traveling spots as
discussed in Section 5.1.3. The phases 𝜑𝑗 in Eq. (3.18) are initially picked from a standard
uniform distribution 𝒰(0,2𝜋).
The introduced function, Eq. (3.17), and the procedure in Section 3.1.1, allow generating
continuous and time-dependent fields of temperature fluctuations with zero mean and specific
power spectral density distribution at each grid location. The fluid temperature fields are
obtained by addition of the mean temperature fields to the modeled fluctuations:
𝑇f (𝑧, 𝜃, 𝑡) = 𝐹f (𝑧, 𝜃, 𝑡) + 〈𝑇f (𝑧, 𝜃)〉.

(3.22)

The fluid temperature fields are important, among other things, to visually validate the fluid
behavior with the expected type of flow downstream of the T-junction for the case considered.
3.1.2.1 Determination of phases
The temperature fluctuations fields in Eq. (3.17) are obtained as a linear superposition of
plane-waves with random 𝑘𝑗𝜃 and 𝜑𝑗 arguments. From the Central Limit Theorem [120], it
follows immediately that for large 𝐾 the fluctuations 𝐹f (𝑧, 𝜃, 𝑡) will be normally distributed
around zero at any point (𝑧, 𝜃). Thus, field points with mean temperatures near the limiting
hot (𝑇fhot ) and cold (𝑇fcold) fluid temperatures and with variance greater than zero are likely to
get temperatures out of the physical limits clearly imposed by the temperatures of the mixing
fluids. Therefore, and similarly to the procedure explained in Section 3.1.1.1, the physical
limits of the fluid temperatures are enforced through the modification of the initial random
phases 𝜑𝑗 by a minimization process of an error function:
𝜙

𝐸𝑟𝑟𝑜𝑟(𝜑𝑗 ) = ∭ [(𝑇f − 𝑇fhot ) ⋅ ℋ(𝑇f − 𝑇fhot ) + (𝑇fcold − 𝑇f )
⋅ ℋ(𝑇fcold − 𝑇f )] 𝑑𝑡 𝑑𝑧 𝑑𝜃

𝜙

(3.23)

using the Powell’s method [120]. In this case, the error function represents the volume
delimited by the out-of-limits temperatures over time and space. In its expression, 𝑇f stands
for the temperature field 𝑇f (𝑧, 𝜃, 𝑡) and ℋ(𝑇) is the Heaveside function. The exponent 𝜙 ≥ 2
can be chosen in order to speed up the convergence of the minimization process. The
minimization process is terminated when the temperature fields 𝑇(𝑧, 𝜃, 𝑡) lie within a
prescribed tolerance 𝜀𝑇 of the limiting temperatures:
𝑇fcold (1 − 𝜀𝑇 ) ≤ 𝑇f (𝑧, 𝜃, 𝑡) ≤ 𝑇fhot (1 + 𝜀𝑇 ).

(3.24)
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The success of generating temperature fields in the shortest time possible relies on the fast
computation of the error function, Eq. (3.23), which now requires the evaluation of the
temperature fields 𝑇f (𝑧, 𝜃, 𝑡) on all grid points and for all time intervals. The approach,
implemented in C language and parallelized in time domain using MPI [123] for the
computation of the signal within the minimization process, runs within a loop of increasing
grid resolution of the space domain with 𝐾𝑧 and 𝐾𝜃 grid points in the axial and circumferential
directions. The input data, i.e. mean temperatures 〈𝑇f (𝑧, 𝜃)〉 and variances 𝑇fvar (𝑧, 𝜃), are
given at discrete locations. These are linearly interpolated at grid points of the temperature
fields 𝑇f (𝑧, 𝜃, 𝑡). The initially random phases are imported from the previous grid
minimization results at each loop step. This has shown to speed up the convergence in
obtaining the phases in the final grid. In addition, the computation of the error function within
the minimization process includes the identification of the harmonics with modified phases 𝜑𝑗
during iterations of the Powell method. In this way, the temperature fields 𝑇f (𝑧, 𝜃, 𝑡) do not
need to be fully re-computed. Instead, the identified harmonics are subtracted from and added
to the fields with the previous and new phases, respectively, during Powell iterations.
Table 3.2. Grid and computational parameters representative of temperature fields’ generation using approach in
Fig. 3.6 (example taken from case study in Section 5.1.1)
Grid (𝐾𝑧 × 𝐾𝜃 × 𝐾) 6×5×512 41×9×512 81×17×512 161×33×512 321×65×512 641×129×512
Processors (MPI)

48

𝜙

2

2

4

4

6

6

Computing time [s]

2

6

24

84

55

40

Cumulative time [s]

2

8

32

116

171

211

Table 3.2 shows a representative set of parameters and computing times for the generation
of temperature fields following the proposed approach. The total time required is about 4
minutes for temperature fields with a grid resolution of 641×129 space points and 512 points
in time domain. It is worth noticing that the generation of equivalent temperature fields
without identification of the harmonics with modified phases during Powell iterations, as
explained in previous paragraph, requires about 4 hours [117].
Figure 3.6 summarizes the approach for the generation of 2D random fields of fluctuations
and temperatures. The strength of the approach is to deliver continuous and time-dependent
surface temperature fields from discrete data at field locations. The required input data are
mean temperatures and power spectral densities and these are ensured within the generated
temperature fields. Furthermore, using the PSD normalized according to Eq. (3.9) the variance
is also assured for any time discretization. Moreover, the field parameters, such as 𝑘𝑗𝑧 and 𝑘𝑗𝜃 ,
allow to control velocity and size distributions of the travelling hot and cold spots within the
fluctuation fields, to some extent.

32

Chapter 3. Theoretical background

INPUT: discrete 1-point experimental data

𝜃

𝑇f , PSD , ∆𝑇 = 𝑇fhot − 𝑇fcold , 𝑣

𝑧

Fig.5.2 Eq.(3.12), variances in Fig.5.2, 𝑓0 𝑧, 𝜃 =1 Hz

APPROACH:
𝐾 ⁄2

𝐹f 𝑧, 𝜃, 𝑡 = ∑ 𝐴𝑗 𝑧, 𝜃 cos 𝜔𝑗 𝑡 + 𝑘𝑗𝑧 𝑧 + 𝑘𝑗𝜃 𝜃 + 𝜑𝑗
𝑗=1

𝐴𝑗 𝑧, 𝜃 =

Time/frequency domain:
𝐾, ∆𝑡
∆𝑓=1/(𝐾∆𝑡), 𝑓𝑐 =1/(2∆𝑡)
Field parameters:

2Δ𝑓𝑃𝑗 𝑧, 𝜃

𝑘𝑗𝑧

,

𝑘𝑗𝜃

,

𝜑𝑗

𝑇f 𝑧, 𝜃, 𝑡 = 𝐹f 𝑧, 𝜃, 𝑡 + 𝑇f 𝑧, 𝜃
Minimization process increasing grid resolution: Optimal 𝜑𝑗
𝑘𝑗𝑧 = −

OUTPUT: continuous and time-dependent 2D fields

𝜃

2𝜋𝑓𝑗
𝑣
𝒰 −𝜍, 𝜍

𝐹f 𝑧, 𝜃, 𝑡

Initial: 𝒰 0,2𝜋
Minimization process: 𝜀𝑇 , 𝜙

𝜃

𝑇f 𝑧, 𝜃, 𝑡

𝑧

𝑧

APPLICATION: parametric thermal boundary conditions
for thermo-mechanical and fatigue analyses of 3D pipes

Figure 3.6. Approach for the generation of continuous and time-dependent 2D fields of random fluctuations and
temperatures. Dashed boxes contain the adopted assumptions regarding input data and implementation of field
parameters. Variables and equations are defined in the text.
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3.2 Heat transfer analyses
The fluid temperature fluctuations induce temperature changes in the pipe wall, in the
radial (𝑟), circumferential (𝜃) and axial (𝑧) directions, through convection at the inner surface.
The heat flux due to convection is linearly correlated to the difference between wall surface,
𝑇w (𝑟i , 𝑧, 𝜃, 𝑡), and fluid, 𝑇f (𝑧, 𝜃, 𝑡), temperatures following the Newton’s law of cooling:
′′
(𝑧, 𝜃, 𝑡) = −ℎ(𝑇w (𝑟i , 𝑧, 𝜃, 𝑡) − 𝑇f (𝑧, 𝜃, 𝑡)).
𝑞𝑐𝑜𝑛𝑣

(3.25)

Rather accurate approximations of the heat transfer coefficient, ℎ = ℎ(𝑅𝑒, 𝑃𝑟, 𝑔𝑒𝑜𝑚𝑒𝑡𝑟𝑦),
may be obtained with empirical correlations valid for specific turbulence conditions and
geometries, as described next.

𝑟
𝑟o
𝑟i

𝑇w

wall

𝐿∗f
𝑇f

flow

0
Figure 3.7. Thermal boundary layer of a turbulent flow in a pipe.

In a thermal boundary layer, Fig. 3.7, where the heat transfer between fluid and structure
occurs due to conduction, the heat transfer coefficient ℎ is usually given as the nondimensional Nusselt number (𝑁𝑢):
𝑁𝑢 =

ℎ𝐿∗f

(3.26)

𝑘f

where 𝐿∗f represents the thickness of the thermal boundary layer and 𝑘f is the fluid thermal
conductivity. 𝑁𝑢 is typically given as a function of the Reynolds (𝑅𝑒) and Prandtl (𝑃𝑟)
numbers, also non-dimensional, which characterize the fluid regime [58]:
𝑁𝑢 = 𝑁𝑢(𝑅𝑒, 𝑃𝑟, 𝑔𝑒𝑜𝑚𝑒𝑡𝑟𝑦), 𝑅𝑒 =

𝜌f 𝑉 2𝑟i
𝜇f

, 𝑃𝑟 =

𝑐𝑝 𝜇f
f

𝑘f

.

(3.27)

These numbers depend on physical properties of the fluid such as the density 𝜌f , thermal
conductivity 𝑘f , dynamic viscosity 𝜇f and specific heat (𝑐𝑝 f), and also the fluid bulk velocity
𝑉 and the pipe’s inner radius 𝑟i . The 𝑅𝑒 number is defined as the ratio of momentum forces to
viscous forces and the 𝑃𝑟 number as the ratio of momentum diffusivity to thermal diffusivity.
There exist empirical correlations to determine the Nusselt number, mainly in stationary
turbulence condition. An example of such correlations is the Dittus-Boelter equation valid in a
circular pipe [58]:
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𝑁𝑢 = 0.025 𝑅𝑒 4⁄5 𝑃𝑟 𝛾 ,
0.6≲ 𝑃𝑟 ≲ 160,

(3.28)

𝑅𝑒 ≳ 10,000
where 𝛾=0.4 for heating and 0.3 for cooling.
In the “Development of a European Procedure for Assessment of High Cycle Thermal
Fatigue in Light Water Reactors, 2007” [4], the constant value of the heat transfer coefficient
ℎ=15,000 W/m2K is recommended for the fatigue evaluation. For the sake of clarity of the
procedure, this value has been assumed along this dissertation aiming at the analysis of the
uncertainties in fatigue life predictions from the variability in the fluid temperature histories.
It is however known that ℎ may largely influence the fatigue live estimates. This is therefore
assessed through the sensitivity study in Section 6.7.
The assumed pipe with adiabatic outer surface:
𝜕𝑇w (𝑟, 𝑧, 𝜃, 𝑡)
|
=0
𝜕𝑟
𝑟=𝑟

(3.29)

o

is set to the initial temperatures equal to, either, the temperatures of the cold or hot mixing
fluids or the mean temperatures of the fluid. The latter initial condition assumes the global
thermal equilibrium between the pipe wall and the fluid and only local temperature variations
are therefore accounted for in the fatigue assessment. The typically neglected global thermal
transients, which might severely influence the fatigue life predictions, are also studied through
dedicated analyses in Section 6.6.
The time-dependent wall temperatures are then obtained by solving numerically the heat
diffusion equation:
1 𝜕𝑇w 1 𝜕𝑇w 𝜕 2 𝑇w 1 𝜕 2 𝑇w 𝜕 2 𝑇w
=
+
+ 2
+
𝜅w 𝜕𝑡
𝑟 𝜕𝑟
𝜕𝑟 2
𝑟 𝜕𝜃 2
𝜕𝑧 2

(3.30)

assuming wall with constant material properties. In Eq. (3.30), 𝜅w =𝑘w ⁄𝑐𝑝 w 𝜌w is the thermal
diffusivity defined by the thermal conductivity (𝑘w ), specific heat (𝑐𝑝 w ) and density (𝜌w ) of
the wall material.
The time-dependent heat diffusion with convection boundary condition is characterized by
two non-dimensional, Fourier (𝐹𝑜) and Biot (𝐵𝑖), numbers defined as [58] (Appendix A):
𝐹𝑜 =

𝜅w 𝑡 ∗
2
𝐿∗w

, 𝐵𝑖 =

ℎ𝐿∗w
𝑘w

.

(3.31)

Therefore, any combination of wall material properties, dimensions and heat transfer
coefficient that yield the same non-dimensional numbers will deliver the same fluid-wall heat
transfer behavior. In the 𝐹𝑜 definition Eq. (3.31), 𝑡 ∗ is a characteristic time and 𝐿∗w , also in the
𝐵𝑖 definition, is a characteristic length of the pipe wall, i.e. typically the wall thickness. The
value of the heat transfer coefficient ℎ defined above can be directly imposed in the 𝐵𝑖
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number definition. Formally, the Fourier number is a dimensionless time which characterizes
the heat conduction through the media, defined as the ratio of heat diffusivity rate to the rate
of heat storage. And the Biot number is equal to the ratio of heat transfer resistance inside the
solid to the thermal resistance of the fluid-wall boundary layer.
The 3D heat diffusion in the pipe wall is solved by the means of FEM employing the
commercial code ABAQUS [124]. In the analyses following the 1D approach, where the heat
fluxes are assumed to occur in the radial (through thickness) direction only (Fig. 2.6), the
simplified 1D heat equation is used with convection and adiabatic boundary conditions in the
inner and outer surfaces, respectively. This has been derived in its explicit finite difference
form in Appendix A [125].
It is noted that as long as the temperature independent material properties and constant heat
transfer coefficient ℎ are assumed, the amplitudes of wall temperature oscillations behave
linearly with the temperature difference of the mixing fluids.

3.3 Mechanical analyses
The time-dependent wall temperatures obtained in the heat transfer analysis are utilized as
input to compute the wall strains and stresses assuming a linear elastic pipe material behavior.
In the mechanical analysis of the 3D piping system, the static problem of thermo-elasticity is
solved by FEM using the commercial code ABAQUS [124]. A brief description of the
governing equations of thermo-elasticity is given next for completeness. Then, the analytical
expressions of the thermal stresses arising in the pipe wall assuming temperature gradients in
the radial direction only (1D approach) are also delivered. At the end, a measure of the
combined thermo-mechanical response of the wall surface relative to the fluid temperatures is
given through the definition of the wall response functions.

3.3.1 Governing equations of thermo-elasticity
In the cylindrical coordinate system with radial (𝑟), circumferential-hoop (𝜃) and axial (𝑧)
directions, the equations of static equilibrium of a body in the absence of body forces are
[126]:
1

𝜕

1

+ 𝜕𝑟
𝑟

−𝑟

0

1 𝜕

[ 0

𝑟 𝜕𝜃

0

1 𝜕

0
0
𝜕
𝜕𝑧

2
𝑟

𝑟 𝜕𝜃
𝜕

+ 𝜕𝑟
0

0
𝜕
𝜕𝑧
1 𝜕
𝑟 𝜕𝜃

𝜎𝑟
𝜎𝜃
𝜕𝑧
0
𝜎𝑧
=
[
0
0]
𝜎𝑟𝜃
0
1
𝜕
+ 𝜕𝑟] 𝜎𝜃𝑧
𝑟
[ 𝜎𝑟𝑧 ]
𝜕

(3.32)

where 𝜎𝑖 and 𝜎𝑖𝑗 are the normal and shear stress tensor components, respectively.
The components of strain 𝝐 as a function of displacements 𝐔 are defined with the matrix of
partial differential operators 𝐋 as:
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𝜕

𝜖𝑟
𝜖𝜃
𝜖
𝝐 = 𝐋𝐔 ; 𝜖 𝑧 =
𝑟𝜃
𝜖𝜃𝑧
[ 𝜖𝑟𝑧 ]

𝜕𝑟
1

0

0

1 𝜕

𝑟

𝑟 𝜕𝜃

0

0

0

1 𝜕
2𝑟 𝜕𝜃

0
1 𝜕

[

𝑢𝑟
𝑢
[ 𝜃 ].
𝑢𝑧

𝜕
𝜕𝑧

1 𝜕

1

− 2𝑟

2 𝜕𝑟
1 𝜕
1 𝜕
2 𝜕𝑧

0

2 𝜕𝑧

2𝑟 𝜕𝜃
1 𝜕

(3.33)

]

2 𝜕𝑟

By eliminating the components of displacement 𝐔 from Eqns. (3.33), through differentiation
and arithmetic operations between the equations, the compatibility conditions of strain in the
cylindrical coordinate system can be obtained:
2

𝜕2 (𝑟𝜖𝑟𝜃 )
𝜕𝑟𝜕𝜃
𝜕2 𝜖

𝑟𝑧
2 𝜕𝑟𝜕𝑧
=

2

𝜕2 (𝑟𝜖𝜃𝑧 )

𝜕
𝜕𝑧
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𝜕

𝜕
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𝜕𝜖𝑟𝜃

(
𝜕𝑟

𝜕𝑧

𝜕 2 𝜖𝑟
𝜕𝜃2

𝜕 2 𝜖𝑧
𝜕𝑟 2

+

𝜕 2 𝜖𝑟
𝜕𝑧 2

𝜕𝑧 2

1 𝜕𝜖𝑟𝑧

+𝑟

𝜕𝜃

1 𝜕𝜖𝑟𝑧

−𝑟

𝜕𝜃

1 𝜕𝜖𝑟𝑧

+𝑟

𝜕𝜃

𝜕2 (𝑟𝜖𝜃 )

+𝑟

𝜕 2 𝜖𝜃

= 𝑟2

𝜕𝜖𝑟𝜃

𝜕𝜖𝑟𝜃

(
𝜕𝜃

=

𝜕𝑟 2

−𝑟

𝜕𝜖𝑟
𝜕𝑟

,

,

− 2𝑟

+

𝜕𝜖𝜃𝑧
𝜕𝑟

+

𝜕𝜖𝜃𝑧

−

𝜕𝜖𝜃𝑧

𝜕𝑟

𝜕𝑟

𝜕𝜖𝑟𝑧
𝜕𝑧

+𝑟

𝜕𝜖𝑧

𝜕2

+

𝜕𝑟

𝜕 2 𝜖𝑧
𝜕𝜃2

𝜖𝑧

1 𝜕𝜖𝜃𝑧

) = 𝜕𝑟𝜕𝜃 ( 𝑟 ) + 𝑟

)=

𝜕2 (𝑟𝜖𝜃 )
𝜕𝑟𝜕𝑧
1 𝜕2 𝜖

−

𝜕𝜖𝑟𝑟
𝜕𝑧

2 𝜕𝜖𝑟𝜃

) = 𝑟 𝜕𝜃𝜕𝑧𝑟 − 𝑟

,

𝜕𝑧

𝜕𝑧

(3.34)
,

1 𝜕𝜖𝜃𝑧

−𝑟

𝜕𝜃
𝜕

,

𝜖𝜃𝑧

+ 𝜕𝑟 (

𝑟

).

These are analogous to the Saint-Venant compatibility equations in the Cartesian coordinates
and must be satisfied by the strain components if the solution of components of displacements
exists. Note that three out of the six equations in Eq. (3.34) are independent.
The constitutive equations, or the Hooke’s law, for an elastic, homogenous and isotropic
body under mechanical and thermal loads:
𝝈 = 𝒄𝝐𝐞𝐥𝐚𝐬𝐭𝐢𝐜 = 𝒄(𝝐 − 𝝐𝐭𝐡𝐞𝐫𝐦𝐚𝐥 )

(3.35)

define the elastic stresses 𝝈 as a function of elastic strains 𝝐𝐞𝐥𝐚𝐬𝐭𝐢𝐜 through the stiffness tensor,
or the matrix of material constants, 𝒄. The elastic strains are defined as the difference of the
total strains 𝝐 (thermal and mechanical) and those from thermal origin 𝝐𝐭𝐡𝐞𝐫𝐦𝐚𝐥 . In matrix
form, the constitutive equations in the cylindrical coordinate system are written as:

37

3.3 Mechanical analyses
2𝜇 + 𝜆
𝜎𝑟
𝜎𝜃
𝜆
𝜎𝑧
𝜆
𝜎𝑟𝜃 =
0
𝜎𝜃𝑧
0
[ 𝜎𝑟𝑧 ] [ 0

𝜆
2𝜇 + 𝜆
𝜆
0
0
0

𝜆
𝜆
2𝜇 + 𝜆
0
0
0

0
0
0
2𝜇
0
0

0
0
0
0
2𝜇
0

0 𝜖𝑟 − 𝛼𝛹
0 𝜖𝜃 − 𝛼𝛹
0 𝜖𝑧 − 𝛼𝛹
𝜖𝑟𝜃
0
𝜖𝜃𝑧
0
2𝜇] [ 𝜖𝑟𝑧 ]

(3.36)

where 𝛹 = 𝑇w − 𝑇0 is the temperature change from the reference temperature 𝑇0 of the body
in the unstrained state, 𝛼 the thermal expansion coefficient and 𝜆 and 𝜇 are the Lamé elastic
constants:
𝜐𝐸

𝜆 = (1+𝜐)(1−2𝜐),
(3.37)

𝐸

𝜇 = 2(1+𝜐)
defined with the elastic modulus 𝐸 and the Poisson’s ratio 𝜐. Note that the thermo-elasticity
problem based on the six components of stress and strain (12 unknowns) may be solved,
without need of displacements, with the six constitutive equations, Eqns. (3.36), the three
equilibrium equations, Eqns. (3.32) and three out of six independent compatibility equations,
Eqns. (3.34).
The Navier’s equations of thermo-elasticity in cylindrical coordinates are obtained by
expressing the equilibrium equations, Eqns. (3.32), in terms of the components of
displacements by substitution of Eqns. (3.33) and (3.36) [126]:
(𝜆 + 2𝜇)

𝜕𝑒

(𝜆 + 2𝜇)

1 𝜕𝑒

(𝜆 + 2𝜇)

𝜕𝑒

𝜕𝑟

1 𝜕Λ𝑧

−

𝜕Λ𝜃

− 2𝜇 ( 𝜕𝑧𝑟 −

𝜕Λ𝑧

− 2𝜇 (𝑟

𝑟 𝜕𝜃

𝜕𝜃
𝜕Λ

−
𝜕𝑧

2𝜇 𝜕(𝑟Λ𝜃 )
𝑟

(

𝜕𝑟

−

𝜕𝑧

𝜕𝑟

𝜕𝛹

) − 𝛽 𝜕𝑟 = 0,

𝜕Λ𝑟
𝜕𝜃

1 𝜕𝛹

) − 𝛽 𝑟 𝜕𝜃 = 0,

(3.38)

𝜕𝛹

) − 𝛽 𝜕𝑧 = 0
𝛼𝐸

where 𝑒 = 𝜖𝑟 + 𝜖𝜃 + 𝜖𝑧 is the dilatation, 𝛽 = 1−2𝜐 is the thermo-elastic constant and:
1 1 𝜕𝑢𝑧

Λ 𝑟 = 2 (𝑟

𝜕𝜃

−

𝜕𝑢𝜃
𝜕𝑧

1 𝜕𝑢

), Λ 𝜃 = 2 ( 𝜕𝑧𝑟 −

𝜕𝑢𝑧
𝜕𝑟

1

) and Λ 𝑧 = 2𝑟 [

𝜕(𝑟𝑢𝜃 )
𝜕𝑟

−

𝜕𝑢𝑟
𝜕𝜃

].

(3.39)

The three Navier’s equations define the thermo-elasticity problem as a function of the three
components of displacement after substitution of the dilatation 𝑒 with the definition of strains,
Eq. (3.33).
It is now useful to determine the stress conditions of a pipe’s surface in fully clamped
conditions where the axial and hoop strains are completely restricted. From Eqns. (3.36) it can
be seen that if 𝜖𝜃 =𝜖𝑧 =0 then 𝜎𝜃 =𝜎𝑧 =𝜎 max and in a free surface where 𝜎𝑟 =0 then:
𝛼𝐸𝛹

𝜎 max = − (1−𝜐).

(3.40)
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The absolute value of this maximum thermal stress arising in a fully clamped surface is used
in later sections of this dissertation to normalize the surface stresses arising under fluid mixing
conditions.

3.3.2 1D mechanical equations of a long pipe
It is customary to simplify the 3D problem to a 1D one where the pipe temperature gradients
occur in the radial direction only. Due to the axial symmetry and the uniformity in the axial
direction of the temperatures, all shear strain 𝜖𝑖𝑗 and stress 𝜎𝑖𝑗 components are zero. The
solutions to the 1D thermo-elasticity problem are found from the simplified equation of
equilibrium in the radial direction Eq. (3.32), the simplified strain-displacement relations
Eq. (3.33), and the stress-strain relations in Eq. (3.36), together with the boundary conditions
of zero radial stress at the inner (𝑟i ) and outer (𝑟o ) pipe surfaces. The derivation of the
equations can be found elsewhere [126, 127]. The final expressions of the radial (𝜎𝑟 ),
hoop (𝜎𝜃 ) and axial (𝜎𝑧 ) stresses are, respectively:
𝛼𝐸

𝑟 2 −𝑟i 2

𝑟

1

𝜎𝑟 (𝑟, 𝑡) = 1−𝜐 (− 𝑟 2 ∫𝑟 𝑇w (𝑟′, 𝑡)𝑟′𝑑𝑟′ + 𝑟 2 (𝑟
𝑖

𝛼𝐸

1

𝑟

𝑟 2 +𝑟i 2

𝜎𝜃 (𝑟, 𝑡) = 1−𝜐 (𝑟 2 ∫𝑟 𝑇w (𝑟′, 𝑡)𝑟′𝑑𝑟′ + 𝑟 2 (𝑟
i

𝜎𝑧 (𝑟, 𝑡) =

𝛼𝐸
1−𝜐

𝑟

2
2
o −𝑟i )

2
2
o −𝑟i )

o
∫𝑟 𝑇w (𝑟′, 𝑡)𝑟′𝑑𝑟′),
i

𝑟

o
∫𝑟 𝑇w (𝑟′, 𝑡)𝑟′𝑑𝑟′ − 𝑇w (𝑟, 𝑡)),
i

(3.41)

𝑟o
̃
2𝜐
∫ 𝑇 (𝑟′, 𝑡)𝑟′𝑑𝑟′ − 𝑇w (𝑟, 𝑡)).
𝑟o 2 −𝑟i 2 𝑟i w

(

In the axial stress definition, 𝜐̃ is equal to 1 and 𝜐 for free-end pipe (𝜖𝑧 = 𝜖0 ) and fixed-end
pipe (𝜖𝑧 = 0) conditions, respectively. The constant axial strain:
𝜖0 = 𝑟

2𝛼

2
2
o −𝑟i

𝑟

o
∫𝑟 𝑇w (𝑟′, 𝑡)𝑟′𝑑𝑟′
i

(3.42)

ensures a zero axial force acting on the boundaries of the free-end pipe. Note that Eqns. (3.41)
are presented using the wall temperatures 𝑇w instead of the temperature change 𝛹 from a
reference temperature, 𝑇0 [126]. It is straightforward to show that all stresses but the axial in
fixed-end conditions are independent of this change. In this case the constant stress 𝛼𝐸𝑇0
should be included in the axial stress expression. However, if this constant stress may be
different from zero, it is irrelevant for the calculations presented in this dissertation.
The equi-biaxial stresses (the normal stress tensor components in hoop and axial directions
are identical) evolving at the inner surface for free-end pipe conditions:
𝜎𝜃 (𝑟i , 𝑡) = 𝜎𝑧 (𝑟i , 𝑡) = 𝜎(𝑟i , 𝑡)
=

𝑟o
𝛼𝐸
2
( 2
∫
𝑇 (𝑟′, 𝑡)𝑟′𝑑𝑟′ − 𝑇w (𝑟i , 𝑡))
1 − 𝜐 𝑟o − 𝑟i 2 𝑟i w

(3.43)

are considered in the fatigue assessment procedure explained in Section 3.4. This is a
reasonable assumption since the highest temperature and stress fluctuations occur at this
surface and it is assumed that the studied pipe section is away from any material, geometrical
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or structural discontinuities. The assumed surface equi-biaxiality stress state is validated
through the dedicated studies in Chapter 5.
It is then useful to define a normalized stress in the range [-0.5,0.5] as:
(1−𝜐)

𝜎̃(𝑟̃ , 𝑡) = 𝜎(𝑟, 𝑡) 𝛼𝐸∆𝑇

(3.44)

which is also conveniently defined in the normalized wall-thickness units:
𝑟−𝑟i

𝑟̃ = 𝑟

o −𝑟i

.

(3.45)

Note that the normalization in Eq. (3.44) stands for the maximum stress given ∆𝑇 in fully
clamped surface conditions through Eq. (3.40).
The procedure described in this section yields stress amplitudes which behave linearly with
the amplitudes of the wall temperatures. Recalling the assumed linearity of the heat transfer
process, the stress amplitudes therefore behave linearly with the temperature difference of the
mixing fluids. Sources of possible non-linearities such as temperature-dependent material
properties, complex definitions of the heat transfer from fluid to the pipe or material plasticity
effects are intentionally avoided for the sake of clarity of the procedure.

3.3.3 Wall response functions
It is appropriate to define a measure of the combined thermo-mechanical response of the wall
surface relative to the fluid temperatures as the source of the thermal loadings. The definitions
below are based on those initially provided by Kasahara et al. [108] and Jones and
Lewis [128]. In their researches, the authors aimed at providing the analytical expressions of
the functions under the assumption of sinusoidal temperatures (SIN-method) and 1D (throughthickness) models for the thermal and mechanical analyses. The functions, as provided below,
will be used in later chapters to evaluate the effects of different fluid temperatures on the wall
surface response. The results presented in Section 4.1 are compared to the analytical
expressions derived by Kasahara et al. and Jones and Lewis [108, 128].
The magnitude of the frequency response function of the structural system in contact with
the fluid may be defined as:
𝐺(PSD, 𝐹𝑜, 𝐵𝑖) =

̃ rms (0)
𝜎
𝑇̃frms

=

𝜎rms (𝑟i ) (1−𝜐)
𝑇frms

𝛼𝐸

= 𝐻(PSD, 𝐹𝑜, 𝐵𝑖) ∙ 𝑆(PSD, 𝐹𝑜, 𝐵𝑖)

(3.46)

from the ratio of surface stress and fluid temperature fluctuation intensities, given by the rootmean-square measure of these quantities, Eq. (3.15). The root-mean-square is a valid statistic
for the complex (random-like) histories with multi-frequency and variable amplitude content
considered in later chapters. In the initial definition, Kasahara et al. [108] included the
dependency of the frequency response function on the 𝐹𝑜 and 𝐵𝑖 numbers, Eq. (3.31), which
fully characterize the fluid-wall heat transfer described in Section 3.2 in single frequency
temperatures. We may elaborate a bit more on this point below. Under complex fluid
temperature histories, however, the wall thermo-mechanical response may be expected to
differ from that in single frequency sinusoidal temperatures. In fact, the frequency response

40

Chapter 3. Theoretical background

function depends on the specific multi-frequency content of the fluid temperature history as
defined by its PSD, Eq. (3.46). This will be shown in Section 4.2.
The frequency response function, Eq. (3.46), is moreover defined as the product of the heat
transfer and thermal stress functions. The heat transfer function defines the attenuation
intensity of the fluid temperatures to the wall surface temperatures as:
rms (0)
𝑇̃w
𝑇̃frms

𝐻(PSD, 𝐹𝑜, 𝐵𝑖) =

=

rms (𝑟 )
𝑇w
i

(3.47)

𝑇frms

and the thermal stress function is defined as the ratio of surface stresses and surface
temperature fluctuations:
̃ rms (0)
𝜎

𝜎rms (𝑟 ) (1−𝜐)

𝑆(PSD, 𝐹𝑜, 𝐵𝑖) = 𝑇̃ rms (0) = 𝑇 rms (𝑟i)
w

w

i

𝛼𝐸

𝜎rms (𝑟 )

= 𝜎max (𝑟i ).
i

(3.48)

The thermal stress function is a combined thermo-mechanical response of the structure which
is indicative of the level of surface constraint induced by the adjacent wall. Therefore it is
influenced by the mechanical constraints affecting the structure [108, 128]. The last equality
in Eq. (3.48) indicates that the thermal stress function may also be defined as the ratio of the
surface stress fluctuations in the current wall thermal conditions to those in fully clamped
conditions for the same level of temperature fluctuations, Eq. (3.40).
Under the assumption of single frequency sinusoidal fluid temperatures considered in the
SIN-method (Section 4.1), the general definitions of the heat transfer, thermal stress and
frequency response functions may simplify. The dependency on the PSD is, for instance, no
longer needed since the characteristic time 𝑡 ∗ in the 𝐹𝑜 number definition, Eq. (3.31), may
represent the fluid temperature frequency as 𝑡 ∗ =1⁄𝑓 . In this case it can be seen from
Eq. (3.47) that the heat transfer function simplifies to:
𝐻SIN (𝐹𝑜, 𝐵𝑖) = ∆𝑇̃w (0),

(3.49)

i.e. equal to the normalized range of inner surface temperatures (𝑟i , 𝑟̃ =0). Moreover, the
thermal stress function becomes independent of the 𝐵𝑖 number for given 𝐹𝑜 [108, 128]. This
basically means that the thermal stress function is independent of the heat transfer coefficient
ℎ, Eq. (3.31), and therefore simplifies to:
̃ (0)
∆𝜎
w (0)

𝑆SIN (𝐹𝑜) = ∆𝑇̃

∆𝜎(𝑟i ) (1−𝜐)
w (𝑟i ) 𝛼𝐸

= ∆𝑇

∆𝜎(𝑟 )

i
= ∆𝜎max (𝑟
,
)
i

(3.50)

i.e. equal to the ratio of normalized surface stress and temperature ranges. Also in this simpler
case, the thermal stress function is equivalent to the ratio of the stress range arising in the
current thermal conditions of the wall and stress range in fully clamped conditions. This ratio
is indicative of the level of surface constraint induced by the adjacent wall. Under sinusoidal
fluid temperatures, the simplified frequency response function therefore becomes:
𝐺SIN (𝐹𝑜, 𝐵𝑖) = ∆𝜎̃(0)
equal to the normalized surface stress ranges.

(3.51)

3.4 Fatigue life prediction

41

3.4 Fatigue life prediction
In the fatigue analyses, the ASME procedure [82] for varying principal stress direction is
adopted to compare the multi-axial stress state with the uniaxial design fatigue curve proposed
in NUREG/CR-6909 for austenitic stainless steels in air, Fig. 2.4 [80]. The ASME varying
principal stress direction procedure, based on the maximum shear stress theory [100], defines
the stress differences 𝑆𝑖𝑗 :
𝑆12 = 𝜎1 − 𝜎2 ,
𝑆23 = 𝜎2 − 𝜎3 ,

(3.52)

𝑆31 = 𝜎3 − 𝜎1
from the principal stresses 𝜎1 >𝜎2 >𝜎3 . Note that the time dependence of the principal stresses
and stress differences is avoided here for the sake of clarity. Based on the absolute magnitude
of the fluctuating range of each 𝑆𝑖𝑗 during the time considered, namely 𝑆𝑟𝑖𝑗 , the alternating
stress intensity 𝑆𝑎𝑙𝑡 is defined as:
1

𝑆𝑎𝑙𝑡 = 2 𝑚𝑎𝑥(|𝑆𝑟𝑖𝑗 |).

(3.53)

The varying principal stress direction procedure specifies that the stress tensor at the time
of the most severe loading conditions should be subtracted from the stress tensor history to
update the stress tensor history, the principal stresses, the stress differences and finally also to
update 𝑆𝑎𝑙𝑡 . The updated principal stresses retain their identity [82], therefore, the equi-biaxial
stress state in our case is also preserved, Eq. (3.43). The definition of ASME varying principal
stress direction procedure (see Appendix B) indicates that this is required for stress states with
negative stress ratio 𝑅 = 𝜎min ⁄𝜎max <0 and non-proportional multi-axial stress histories.
However, the application of this procedure always results in the fatigue assessment insensitive
to 𝑅, consistent with omitting mean stresses induced by pressure loads or global 3D thermomechanical effects on the pipes. An additional useful consequence of the assumed equi-biaxial
stress state is that the 𝑆𝑎𝑙𝑡 simply follows 1/2 of the hoop (or axial) stress ranges calculated in
Eq. (3.43).
In the fatigue analyses presented in this dissertation, factors that take into account effects
such as plasticity (Ke) [82], reduction of fatigue strength (Kr), plastic strain amplification due
to bi-axial thermal stresses (Kv) [4] and reactor environment (Fen) [80] are also omitted for the
sake of clarity.
The fatigue life (𝐹𝐿) in the SIN-method [4], where the temperature history is denoted by a
constant amplitude and a single (critical) frequency (𝑓), is predicted as:
𝑁

𝐹𝐿 = 𝑓 .

(3.54)

The allowable number of cycles (𝑁) is obtained from the design fatigue curve, Fig. 2.4, given
the alternating stress intensity 𝑆𝑎𝑙𝑡 . Note that the temperature history is periodic here and can
be repeated indefinitely without any loss of generality.
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The fatigue life in the case of random loading can be estimated using the rainflow counting
method, to obtain a set of stress reversals and the number of counts from the random stress
history [102] (Appendix C), and linear damage accumulation rule. The damage 𝐷
accumulated during the 𝑚 stress reversals is predicted as:
𝑚

𝐷=∑
𝑖=1

𝑛𝑖
𝑁𝑖

(3.55)

where 𝑛𝑖 denotes the number of cycles counted by rainflow for the reversal 𝑖 and 𝑁𝑖 is the
allowable number of cycles for the stress intensity in the reversal 𝑖. Since the randomly
generated temperature history of a limited time 𝜏 is in general not periodic, it is useful to
define the damage rate 𝐷̇:
𝐷
𝐷̇ = 𝜏 .

(3.56)

The fatigue life then follows assuming the maximum fatigue damage 𝐷=1:
1

𝐹𝐿 = 𝐷̇.

(3.57)

3.4.1 Evaluation of uncertainties in the fatigue predictions
The variability inherent in the turbulent fluid temperatures with equal statistics may
reasonably indicate the variable damage induced to the surrounding piping. The average
fatigue life:
〈𝐹𝐿〉 =

1
〈𝐷̇ 〉

(3.58)

is therefore obtained from the average damage rate:
1
〈𝐷̇〉 = ∑𝑞𝑖=1 𝐷̇𝑖

(3.59)

𝑞

estimated from the individual damage rates 𝐷̇𝑖 induced by 𝑞 random samples of temperature
histories. The uncertainty of the predicted average fatigue life is represented by the confidence
interval:
[

1
𝑠(𝐷̇)

〈𝐷̇ 〉+

√𝑞

,

1
〈𝐷̇ 〉−

𝑠(𝐷̇)

]

(3.60)

√𝑞

obtained from the confidence interval of the average damage rate. The uncertainty of the
individual fatigue predictions is estimated by defining the ratio between the standard deviation
of the 𝑞 predictions, 𝑠(𝐷̇), and the average damage rate:
Uncertainty =

𝑠(𝐷̇ )
.
〈𝐷̇〉

(3.61)

Chapter 4
Application examples of the fatigue assessment
In the Section 4.1 below, the SIN-method [4, 106] is developed in detail due to its relevance
in the field. At the same time, this allows setting up a well-defined comparative framework for
the fatigue life predictions under variable fluid temperature. This is then followed, in
Section 4.2, by the application of the fatigue assessment described in Chapter 3 for the SIN
point within the temperature variation space in Fig. 3.5. The assessment peculiarities are
described and life predictions compared to those obtained in the SIN-method.
Throughout this chapter the 1D and insulated pipe with dimensions and material properties
of the Civaux plant piping [5] are assumed. These include thermal conductivity
𝑘w =14.7 W/mK, specific heat 𝑐𝑝 w =480 J/kgK, density 𝜌w =7800 kg/m3, thermal expansion

coefficient 𝛼=16.4x10-6 K-1, Young's modulus 𝐸=177 GPa, Poisson's ratio 𝜐=0.3 and the pipe
with inner radius 𝑟i =0.127 m and outer radius 𝑟o =0.1363 m. The Civaux plant case is
described in Sections 2.1 and 6.1.

4.1 The sinusoidal (SIN-) method
In the SIN-method, the fluid temperature near the pipe surface is assumed to vary sinusoidally
with time with a frequency 𝑓 and amplitude representative of the fluid temperature difference
∆𝑇, Eq. (3.5). Under this assumption and in order to address different fluid-wall properties
and conditions, it is customary to generalize the analyses using different values of the 𝐹𝑜 and
𝐵𝑖 numbers, Eq. (3.31). These non-dimensional numbers fully characterize the fluid-wall heat
transfer described in Section 3.2 in single frequency temperatures. It is, for instance, assumed
that the characteristic time 𝑡 ∗ in the 𝐹𝑜 number definition represents the fluid temperature
frequency as 𝑡 ∗ =1⁄𝑓 . The characteristic length 𝐿∗w , in the 𝐹𝑜 and 𝐵𝑖 numbers definition,
equals the wall thickness. The results in this section are however presented based on the
sinusoidal frequency 𝑓 and the heat transfer coefficient ℎ, the latter imposed in the 𝐵𝑖 number
definition, Eq. (3.31), for the Civaux piping dimensions and properties. Two values of the heat
transfer coefficient are employed in the analyses, i.e. 5,000 and 15,000 W/m2K. The latter is
the recommended value in the “Development of a European Procedure for Assessment of
High Cycle Thermal Fatigue in Light Water Reactors, 2007” [4]. The results with
ℎ=5,000 W/m2K become relevant in the leakage time prediction of Civaux plant, as shown
below. Furthermore, the results presented next employ the wall functions, defined in
Section 3.3.3, to characterize the wall thermo-mechanical response under varying fluid
temperatures.
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In their thermal fatigue studies, Kasahara et al. applied the SIN-method [4] to a semiinfinite plate and derived the analytical solution for the heat transfer function, 𝐻SIN , from the
fluid to the wall surface [108]. The semi-infinite plate stands for the simplified system
composed of two material volumes separated by the characteristic length 𝐿∗w . The material
volumes represent the plate wall surface and bulk thickness; the temperature of the latter
considered as the average wall-thickness temperature. The semi-infinite assumption,
therefore, omits the effects of the thermal boundary condition at the outer surface. Regardless
of this limitation, the analytical solution of the heat transfer function, 𝐻SIN , derived by
Kasahara for the semi-infinite plate [108] is compared in Fig. 4.1 to the results with the
assumed insulated pipe by Eq. (3.49).

Figure 4.1. Heat transfer function as a function of the sinusoidal fluid temperature frequency and for two values
of the heat transfer coefficient ℎ. The results of the insulated pipe (full lines) are compared to the analytical
solutions for the semi-infinite plate (red-dotted lines) which omits the thermal boundary condition at the outer
surface.

Figure 4.1 shows that the normalized temperature fluctuations of the pipe’s inner surface,
∆𝑇̃w (0), decrease monotonically with increasing frequency of the fluid temperature
fluctuations. This implies that high frequency fluid temperature fluctuations cannot be
transferred to the material due to heat transfer (convection and diffusion) filtering effects. The
surface temperature fluctuations are more attenuated with lower heat transfer coefficient as
one would expect. The analytical heat transfer function derived by Kasahara [108] is
represented in the figure by red-dotted lines for the two heat transfer coefficients considered.
These are shown to slightly over-predict the results at about 0.03 Hz. At the very low
frequencies a clear under-prediction is obtained. This can be ascribed to the effects of the
insulated outer surface of the pipe, omitted in the semi-infinite plate assumption, which
become relevant at low frequencies.
In the work performed by Jones and Lewis [128], the analytical expressions of the
temperature and stress variations within the wall are derived assuming the plate with a
sinusoidal temperature variation at one surface and the other surface insulated. The convection
boundary condition, as considered by Kasahara et al. [108], was therefore omitted. The
expressions of the stresses were also derived for various mechanical constraints affecting the
plate. Thus, in Kasahara et al. [108] the analytical expressions are presented conveniently in
the form of the thermal stress function, 𝑆SIN , defined at the plate surface subjected to the
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sinusoidal temperature. These expressions are then used to evaluate the surface conditions
given the wall thermal state. For the insulated plate with bending constraint, i.e. allowed to
expand and contract while keeping the straight edges, the analytical solutions of the thermal
stress functions are compared in Fig. 4.2 to the results with the insulated and free-end pipe by
Eq. (3.50).

Figure 4.2. Thermal stress function as a function of the sinusoidal fluid temperature frequency. The results of the
insulated and free-end pipe (full lines) are compared to the analytical solutions for the insulated plate with
bending constraint (red-dotted lines).

The very close match of the results shown in Fig. 4.2 indicates that the 1D thermomechanical conditions of the pipe surface can be reproduced very closely by the plate with
bending constraint. It is worth noticing (not shown here) that the free plate model
underestimates the surface pipe response and a fully constrained plate (membrane + bending)
clearly overestimates the pipe surface stresses, including those of the pipe constrained in the
axial direction. These results have also proven to be independent of the heat transfer
coefficient. The thermal stress function shown in Fig. 4.2, i.e. the ratio of the normalized
surface stress ranges, ∆𝜎̃(0), to the normalized surface temperature ranges, ∆𝑇̃w (0), as
defined in Eq. (3.50), is indicative of the level of surface constraint induced by the adjacent
wall. Therefore, Fig. 4.2 shows that at low frequencies surface thermal stresses are not
expected to arise. This is the so-called temperature homogenization of the pipe wall. We may
come back to this point latter on. Conversely, high stresses can be expected at high
frequencies. Furthermore, as defined in Eq. (3.50), the thermal stress function is also
indicative of the relative surface conditions to those in fully clamped conditions. Therefore,
thermal stresses do not arise at low frequencies while the fully clamped level may be reached
at high frequencies.
The thermo-mechanical response of the pipe to the fluid with sinusoidal temperature
through the assumed convection boundary condition is obtained by the combined effect of
heat transfer and thermal stress functions, i.e. the frequency response function, 𝐺SIN , defined
in Eq. (3.51). The results obtained with the pipe and those with the plate by Kasahara, et al.
[108] are compared in Fig. 4.3, for the two heat transfer coefficients.
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Figure 4.3. Frequency response function as a function of the sinusoidal fluid temperature frequency and for two
values of the heat transfer coefficient ℎ. The results of the pipe (full lines) are compared to the analytical
solutions for the semi-infinite plate with bending constraint (red-dotted lines).

The surface stress fluctuations in Fig. 4.3 present a maximum at specific frequency. At
high frequencies, the low heat transfer function, ∆𝑇̃w (0), in Fig. 4.1 is responsible for the low
stress ranges ∆𝜎̃(0). The lower stresses also at low frequencies are the consequence of the
temperature homogenization of the pipe wall [108], i.e. at low frequencies the temperature
fluctuations tend to be homogeneous within the wall-thickness. This can be seen through the
profiles of wall temperature fluctuations normalized with the surface value depicted in
Fig. 4.4-left. The almost flat fluctuation profiles are obtained at low frequencies while the
temperature fluctuations are very surface-localized at high frequencies. Thus, at low
frequencies, surface thermal strains are not constrained and thermal stresses do not arise. This
is described by the low thermal stress function in Fig. 4.2. These two combined effects then
give rise to the stress maxima in ∆𝜎̃(0) curves, Fig. 4.3.

Figure 4.4. Normalized profiles of (left) temperature and (right) stress fluctuations through normalized thickness
𝑟̃ for selected frequencies of the fluid temperatures. The red-dotted lines correspond to the results from the
analytical expressions of the insulated plate with bending constraints.

Figure 4.4-right presents the stress fluctuation profiles normalized with the surface value. It
can be seen that the stress fluctuations arise only in a rather thin portion of the wall near the
surface of the component at high frequencies. The portion widens at low frequencies of the
fluid temperature fluctuations but the profiles develop clear minima at approximately 40% of
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the wall thickness. Note that the red-dotted lines in Fig. 4.4 depict the analytical expressions
of the temperature (Fig. 4.4-left) and stress (Fig. 4.4-right) fluctuations through thickness for
the insulated plate under bending constraint conditions [114, 128]. These prove to be
equivalent, in practice, to those in a 1D pipe. It is also worth pointing out that these profiles
are heat transfer coefficient independent in case of single frequency sinusoidal fluid
temperatures due to the normalization with the surface value.

Figure 4.5. Radial profiles of (left column) temperatures and (right column) stresses at times equal to 0.05, 0.25,
0.45, 0.65 and 0.85*(1⁄𝑓 ) of the sinusoidal fluid temperature oscillation and for three sinusoidal frequencies.

The stress fluctuation minima shown in Fig. 4.4-right originate as the radial temperature
profiles in the wall tend to be constant while following the slow change of fluid temperatures.
This can be seen in Fig. 4.5 where the radial profiles of temperatures and stresses are
represented for three frequencies of the sinusoidal fluid temperatures. The curves sharing
color and pattern in individual figures of Fig. 4.5 correspond to same times within one period
of the sinusoidal fluid temperature oscillation. For the lowest frequency of 10-2 Hz, the wall
temperatures present similar monotonically increasing/decreasing profiles through thickness
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(left column in Fig. 4.5) that yield the self-equilibrating stress profiles (right column in
Fig. 4.5). The latter are also monotonic and all cross the zero stress at the same radial location
corresponding to the minimum in Fig. 4.4-right. The middle frequency of 10-1 Hz presents
also a region of low stress fluctuations around the same 𝑟̃ ≈0.4. As the temperature fluctuations
localize near the surface for the frequency of 1 Hz, the high stress fluctuations do also localize
near the surface. The self-equilibrating nature of the stresses through thickness causes stress
fluctuations also at the outer surface, however of low amplitudes.
It is worth noticing at this point that the SIN-method applied to pipes can be completely
resolved by the analytical expressions of the frequency response function, ∆𝜎̃(0), in Fig. 4.3
for the semi-infinite plate with bending constraints [49, 108, 114]. Numerical approaches such
as those presented in Chapter 3 are, however, typically needed for the time-dependent
solutions of the heat equation for more general (fluid) boundary conditions and, therefore, to
deduce more complex stress histories. The good agreement between the numerical and
analytical results given in Figs. 4.1-4.4, nevertheless, validates the implementation of the
numerical methods within the heat transfer (Appendix A) and mechanical analyses
(Eq. (3.41)).

Figure 4.6. Surface stress amplitude as a function of the sinusoidal fluid temperature frequency for the Civaux
conditions and for two values of the heat transfer coefficient ℎ.

Following the ASME procedure for varying principal stress directions described in
Section 3.4, the alternating stress amplitudes, 𝑆𝑎𝑙𝑡 , at the inner pipe surface are shown in
Fig. 4.6 as a function of the sinusoidal fluid temperature frequency 𝑓 and for the fluids’
temperature difference of ∆𝑇=160°C. Recall that 𝑆𝑎𝑙𝑡 originates from the stress history in
Eq. (3.43) which corresponds to non-normalized stress amplitudes from Fig. 4.3.
The fatigue lives 𝐹𝐿, calculated with Eq. (3.54) by intersecting the stress amplitude with
the NUREG design fatigue curve (Fig. 2.4), are given in Fig. 4.7. The minimum (critical)
fatigue life of about 3 days is obtained at the frequency of about 0.7 Hz with the
recommended heat transfer coefficient of 15,000 W/m2K. Note that the critical frequency is
higher than the frequency of maximum stress amplitude in Fig. 4.6. The former emerges from
the higher frequency of temperature fluctuations and the resultant number of cycles to fatigue
for the surface stress amplitude of about 150 MPa. The maximum stress amplitude of about
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200MPa at 0.1 Hz yields lower number of cycles to fatigue that, at a lower frequency, result in
a longer fatigue live.

Figure 4.7. Fatigue life as a function of the sinusoidal fluid temperature frequency predicted by the SIN-method
for the Civaux piping. The Civaux leakage time is predicted for ℎ=5,000 W/m2K.

The Civaux leakage time of approximately 60 days (see Chapter 6) is therefore
conservatively underestimated by the critical frequency. Following the SIN-method for the
Civaux case, a reduction of the heat transfer coefficient is needed to predict the leakage time.
This is achieved for ℎ≈5,000 W/m2K, which is probably too low for the fluid conditions in the
Civaux T-junction piping. Note that a rough estimation of the coefficient with empirical
correlations and experimental observations gives possible values ranging from 12,000 to
24,000 W/m2K [70] (see Section 3.2 and 6.7).

Figure 4.8. Overall fatigue assessment by the SIN-method as a function of the fluid temperature difference for
the Civaux piping and two heat transfer coefficients.

The overall results of the SIN-method are typically presented as a function of the fluid
temperature difference ∆𝑇, for given 𝐹𝑜 and 𝐵𝑖 numbers [4, 108]. Figure 4.8 gives the SINmethod results for the Civaux piping and the two heat transfer coefficients. The figure
indicates that fatigue is very unlikely for ∆𝑇 slightly below 80°C for ℎ=15,000 W/m2K. These
results were initially proposed as a possible design criterion for thermal fatigue of pipes under
turbulent fluid mixing [4]. As it has been shown, however, the SIN-method is deemed as very
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conservative and its main drawback resides in the simplification of the fluid temperature
histories.

4.2 Multi-frequency and variable amplitude temperature histories
The results of the SIN-method presented in previous section depend on three parameters,
namely, the Biot (𝐵𝑖) and Fourier (𝐹𝑜) numbers and the fluid temperature difference (∆𝑇). In
the proposed assessment procedure described in Chapter 3, the fluid temperature histories and
the fatigue life predictions depend also on the PSD, the moments of the fluid temperature
distribution and the assumed time-lengths of fluid temperature histories, 𝜏. In particular, the
area below the PSD quantifies the variance of the fluid temperature fluctuations (therefore
also the 𝑇̃frms ). Higher moments of the fluid temperature distribution are modelled in the
proposed assessment to the extent that the required asymmetry of the distribution is brought
by the normalized fluid mean temperature, 〈𝑇̃f 〉. The modeled time-lengths 𝜏 of fluid
temperature histories have an influence too on the statistics of life predictions. Thus, 𝜏 may
also be considered as a signal parameter that embraces the variability in fluid temperature
histories, and in the subsequent fatigue predictions, for given statistics. However, for specific
fluid conditions and sufficiently long signals, the fatigue likelihood and the estimated life
should be independent of 𝜏.

Figure 4.9. Temperature fluctuations PSD of (left) the fluid and (right) the inner pipe surface for selected values
of the transition frequency 𝑓0 in the theoretical PSD, assuming a heat transfer coefficient ℎ=15,000 W/m2K.

In this section, the influence of multi-frequency and variable amplitude (spectrum loading)
fluid temperature histories on the thermo-mechanical response of the pipe wall is studied in
detail and compared to that under single frequency fluid temperature histories. The theoretical
PSD defined in Eq. (3.12) is first considered for different values of the transition frequency,
𝑓0 . This is then followed by the consideration of a flat PSD profile with an increase of the
power content in a narrow band of frequencies. In both cases, the normalized fluid
temperature history samples of length 𝜏=81.9 s (𝜏=(𝐾-1)Δ𝑡; 𝐾=4096, Δ𝑡=0.02 s) are
generated with the approach presented in Section 3.1.1 using the minimization process of the
phases 𝜑𝑗 (with 𝜙=2, 𝜀𝑇 =10-7) and input parameters (〈𝑇̃f 〉, 𝑇̃frms )=(1⁄2, 1⁄2√2) equivalent to
a sinusoidal signal, see Fig. 3.5. In this way, only the influence of PSD profile on the results is
examined in this section. The influence of temperature history parameters such as 𝑇̃frms levels,
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asymmetry of the distribution and the time-length, for the assumed theoretical PSD with
𝑓0 =1 Hz, on fatigue life predictions is discussed in Chapter 6.
Figure 4.9-left shows some examples of the theoretical PSD of fluid temperature
fluctuations for selected values of 𝑓0 considered in first place. The resultant PSD of the inner
pipe surface temperature fluctuations, shown in Fig. 4.9-right, have been obtained in the heat
transfer analyses assuming a heat transfer coefficient ℎ=15,000 W/m2K for the insulated pipe
of the Civaux plant. Equivalently to the single frequency sinusoidals shown in Fig. 4.1, the
fluctuation power at higher frequencies under multi-frequency signals is also more attenuated
than at lower frequencies, which remains at similar level than in the fluid.

Figure 4.10. (a) Distributions of normalized fluid temperatures, (b) inner surface temperatures and (c) stresses for
selected 𝑓0 values in the theoretical PSD and assuming a heat transfer coefficient ℎ=15,000 W/m2K. (d) Ratios of
the final 𝑇̃frms to the input one, 𝑇̃frms =1⁄2√2, smaller than 1 due to frequency discretization.

The fluid temperature distributions for selected 𝑓0 values are shown in Fig. 4.10a. The
higher probability of the limiting fluid temperatures for 𝑓0 =10-1 and 1 Hz can be observed.
This could be explained by the higher 𝑇̃frms of these 𝑓0 cases due to the discretization of the
frequency domain, as explained through Fig. 3.1. Employing time-length signals of 𝜏=81.9 s
with 𝐾=4096 and Δ𝑡=0.02 s yields minimum and frequency interval of Δ𝑓=0.0122 Hz and a
Nyquist frequency of 𝑓𝑐 =25 Hz. The 𝑇̃frms of the generated fluid temperature signals as a
function of 𝑓0 can be seen in Fig. 4.10d. The figure indicates that signals with 𝑓0 values from
0.02 to 3 Hz are above 90% of the input (sinusoidal) one. The level of temperature
fluctuations may considerably influence the fatigue life predictions, as shown later on.
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Regardless of this fact, it is clear that the PSD profile brought by the different 𝑓0 ’s has an
important influence on the distributions of surface temperatures, given in Fig. 4.10b. The
distributions are wider for the lower 𝑓0 values. In Fig. 4.10c, the distributions of surface
stresses are shown to follow a similar trend as the surface temperatures except in the
distribution tails for the lower 𝑓0 values.
The results presented next employ the wall functions, defined in Section 3.3.3, to
characterize the wall thermo-mechanical response under varying fluid temperatures. Thus, the
normalized surface statistics for different 𝑓0 values are presented in Fig. 4.11 and compared
with those from the SIN-method for the same two values of heat transfer coefficient ℎ=15,000
and 5,000 W/m2K.

Figure 4.11. (a) Heat transfer function, (b) thermal stress function and (c) frequency response function for
different values of 𝑓0 in the theoretical PSD (symbols) compared to the SIN-method results (full lines). Results
given for two values of the heat transfer coefficient ℎ.

Because of the linearity of the heat equation and the assumed linearity of the boundary
conditions with respect to the wall temperatures, Eqns. (3.25), (3.29) and (3.30), it is readily
seen that the thermal response of the pipe wall to the multi-frequency fluid temperature is the
sum of responses to the individual harmonics. One should bear in mind, however, that now
each harmonic has different amplitude provided by the PSD through Eq. (3.11). Figure 4.11a
shows the surface temperature fluctuations normalized with the fluid value, i.e. heat transfer
function defined in Eq. (3.47), as a function of 𝑓0 (symbols) and the response to single
frequency sinusoidals (lines). The results indicate qualitatively the same behavior. However,
the temperature fluctuations are underestimated by the SIN-method when 𝑓0 is higher than
1 Hz and 0.5 Hz for ℎ=15,000 and 5,000 W/m2K, respectively.
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The normalized surface stress fluctuations in Fig. 4.11c, i.e. the frequency response
function defined in Eq. (3.46), do not present such clear maxima as in the case of single
sinusoidals. Also under multi-frequency fluid temperatures, the thermo-mechanical response
of the pipe surface is the consequence of the heat transfer function and the constraint
conditions given by the adjacent wall, represented by the thermal stress function, Eq. (3.48),
in Fig. 4.11b. It can be seen that for low 𝑓0 values the surface constraint conditions are higher
than in single sinusoidals, which explains the higher surface stress fluctuations in these cases.
For intermediate 𝑓0 values, the lower surface temperature fluctuations (Fig. 4.11a) and the
lower constraint conditions (Fig. 4.11b) yield lower maxima in the surface stress fluctuations
(Fig. 4.11c) when compared to single sinusoidals. For the PSD considered, the surface stress
fluctuations become higher than single sinusoidals again for high 𝑓0 values due to higher
temperature fluctuations.

Figure 4.12. Normalized profiles of (left) temperature and (right) stress fluctuations through thickness for
selected 𝑓0 values in the theoretical PSD and for two values of the heat transfer coefficient ℎ.

The surface level of constraint can also be understood, as in the SIN-method, from the
profiles of temperature fluctuations through thickness which are shown in Fig. 4.12-left for
the multi-frequency fluid temperatures. It can be seen that the normalized profiles differ
considerably from those in the SIN-method shown in Fig. 4.4. In multi-frequency fluid
temperatures, the profiles of temperature fluctuations are the consequence of the wall response
to the individual, low and high frequency, harmonics of different amplitudes. The
combination of all the harmonics delivers a different thermo-mechanical wall response to
different PSDs which therefore produces different surface constraint conditions of the wall
surface. Moreover, the profiles in Fig. 4.12 and the thermal stress function in Fig. 4.11b are
not independent of the heat transfer coefficient under multi-frequency fluid temperatures. This
results from the different heat transfer function to the individual harmonics for different heat
transfer coefficients. Nevertheless, the normalized stress profiles through thickness, shown in
Fig. 4.12-right, present a similar minimum for low 𝑓0 ’s to that one appearing in the SINmethod for low frequencies. As it is explained through Fig. 4.5, and as it can be deduced by
the rather flat profile of temperature fluctuations for 𝑓0 =10-2 Hz, the minimum appears as the
wall temperatures present monotonically increasing/decreasing profiles through thickness that
yield self-equilibrating stress profiles which are also monotonic and cross the zero stress at the
radial location corresponding to the minimum in Fig. 4.12-right.

54

Chapter 4. Application examples of the fatigue assessment

The fatigue life in the case of random loading is predicted following the procedure
described in Section 3.4 which includes the use of rainflow counting method (Appendix C), to
obtain the stress reversals out of the complex stress history at the inner pipe surface, and the
linear damage accumulation rule, Eq. (3.55). Figure 4.13 shows the average fatigue lives,
Eq. (3.58), and their confidence interval, Eq. (3.60), calculated with 15 different random fluid
temperature history samples for each value of 𝑓0 and the assumed fluids’ temperature
difference of ∆𝑇=160°C. The results are compared with the SIN-method.

Figure 4.13. Fatigue life predictions for different 𝑓0 in the theoretical PSD (symbols) for two heat transfer
coefficients and assuming a fluid’s temperature difference of ∆𝑇=160°C. Results are compared with the
SIN-method predictions (full lines).

Figure 4.13 shows qualitatively similar fatigue life results than the SIN-method. This could
be expected from the results of normalized surface stress fluctuations, in Fig. 4.11c, where the
differences with respect to the SIN-method closely resemble the fatigue life predictions
differences. Recall that there exists a shift in the SIN-method from the maximum stress
amplitude frequency to the critical frequency. This can also be observed in the fatigue life
predictions for different 𝑓0 values in Fig. 4.11c and 4.13. The reasons for the closely matching
results of the selected multi-frequency, variable amplitude temperature histories and the SINmethod are two-fold: the same input 𝑇̃frms (or very similar, see Fig. 4.11d) and the PSD
profile provided by the theoretical expression, Eq. (3.12), where harmonics of lower and more
harmful frequencies have higher amplitudes.
In the remaining of this section, fluid temperature histories with the same input parameters
(〈𝑇̃f 〉, 𝑇̃frms )=( 1⁄2, 1⁄2√2) are further considered. However, these now follow a flat PSD
profile with an increase of the power content of the harmonics contained in a 0.1 Hz narrow
band. The narrow bands with enhanced amplitudes are within the available frequencies as
shown in Fig. 4.14-left and provide 5% of the total variance (1/8). The aim of this exercise is
to provide additional thermo-mechanical responses of the pipe wall and subsequent fatigue
life predictions for the multi-frequency and variable amplitude temperature histories with a
different (almost flat) PSD profile. Furthermore, this exercise should demonstrate the ability
of the rainflow counting method (Appendix C) to detect the presence of relevant harmonics in
a complex stress history. The results, for the sake of clarity, are therefore presented in the
same form as for the theoretical PSD above.
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Figure 4.14. Temperature fluctuations PSD of (left) the fluid and (right) the pipe’s inner surface for different
locations of the narrow band of frequencies with enhanced amplitudes, assuming a heat transfer coefficient
ℎ=15,000 W/m2K. The frequency bands are 0.1 Hz wide and provide 5% of the total variance 1/8.

The PSDs of the fluid and pipe surface temperature fluctuations are shown in Fig. 4.14-left
and -right, respectively. The heat transfer coefficient ℎ=15,000 W/m2K is employed for the
results in Figs. 4.14 and 4.15.

Figure 4.15. (a) Distributions of normalized fluid temperatures, (b) surface temperatures and (c) stresses for
selected locations of the narrow band of frequencies with enhanced amplitudes within the flat PSD and assuming
a heat transfer coefficient ℎ=15,000 W/m2K.

The distributions of fluid temperatures in Fig. 4.15a do not show a substantial influence
from the different locations of the narrow band with enhanced amplitudes. On the other hand,
the tails of the distributions of surface temperatures in Fig. 4.15b widen when the narrow
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bands are located towards lower frequencies. Also in these cases, the distributions of surface
stresses in Fig. 4.15c are slightly wider.

Figure 4.16. (a) Heat transfer function, (b) thermal stress function and (c) frequency response function for
different locations of the narrow band with enhanced amplitudes within the flat PSD (symbols) compared to the
SIN-method results (full lines). Results given for two values of the heat transfer coefficient ℎ.

The thermal and mechanical response of the wall surface is remarkably low, as compared
to the response to single sinusoidals, when the fluid temperature histories follow the flat PSD
profile with variance distributed evenly among all the harmonics. The normalized surface
temperatures in Fig. 4.16a, as expected, show a slight increase when the bands with enhanced
amplitudes are located at lower frequencies. The expected maxima in the stress fluctuations
from Fig. 4.16c are hardly visible in the figure but these can be found for the band located at
0.15 Hz.
In Fig. 4.17-left, the normalized profiles of temperature fluctuations in the pipe wall tend to
be flatter when harmonics of lower frequencies are enhanced, i.e. when the narrow band of
enhanced amplitudes is located at low frequencies. Also in these cases, the normalized
profiles of stress fluctuations in Fig. 4.17-right present the minima at about 40% of the pipe
wall. It is worth to emphasize again that these profiles and the thermal stress functions in
Fig. 4.16b depend on the heat transfer coefficient.
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Figure 4.17. Normalized profiles of (left) temperature and (right) stress fluctuations through thickness for
selected locations of the narrow band of frequencies with enhanced amplitudes within the flat PSD and for two
values of the heat transfer coefficient ℎ.

Figure 4.18 presents the average fatigue lives predicted for fluid temperature histories
following the flat PSD with narrow band of enhanced amplitudes located at different
frequencies (symbols). The results have been obtained for the fluid temperature difference of
∆𝑇=160°C, the heat transfer coefficient 15,000 W/m2K and, also in this case, the average lives
are calculated with 15 different random fluid temperature history samples as in Fig. 4.13. The
results are moreover compared to the SIN-method predictions (full lines).

Figure 4.18. Fatigue life predictions for different locations of the narrow band of frequencies with enhanced
amplitudes within the flat PSD (symbols) and assuming a fluid’s temperature difference of ∆𝑇=160°C. Results
compared with the SIN-method predictions (full lines).

In Fig. 4.18 it can be observed an order of magnitude difference, from 3 to 30 days, of
predictions with the single frequency and multi-frequency signals. A factor 2, from 30 to
60 days, can otherwise be expected from the location of the narrow band within the flat PSD
profile in the multi-frequency signals. An asymptotic increase of fatigue life towards the
60 days is shown when the band is located towards high frequencies. Approximately 60 days
is therefore the expected life for the flat PSD without the narrow band of enhanced
amplitudes, i.e. when the thermal response of the wall becomes insensitive to the harmonics of
such high frequencies. The location of the minimum life for different bands also closely
matches the minimum from the SIN-method. This proves that the rainflow counting method is
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able to identify the harmonics with higher amplitudes out of the complex stress histories.
Moreover, assuming a heat transfer coefficient of ℎ=5,000 W/m2K yields, in practice, infinite
lives, i.e. zero damage, for all band locations and almost all fluid temperature history samples.
This is a consequence of the remarkably low surface stress fluctuations in this case. The
difference between the surface statistics for the two heat transfer coefficients in Fig. 4.16c, for
the assumed ∆𝑇=160°C, are therefore enough to yield fatigue life prediction differences from
60 days to infinite.

Chapter 5
Assessment of thermal stresses in 3D pipes
A detailed study of the 3D structural response of pipes to complex thermal loads such as those
arising in T-junctions during turbulent fluid mixing is performed in this section. A case study
from literature has been used to reproduce the fluid temperature fields with the proposed
approach in Chapter 3.
Thus, this chapter of the dissertation aims at verifying the applicability and scope of the 1D
(through thickness) approach which typically assumes equi-biaxial stress state of the pipe
surface. From a fundamental point of view, 1D and 3D approaches differ in the heat diffusion
through the wall which may affect the wall’s mechanical (surface constraint) response.
Therefore, also the surface stress fluctuation intensity and the equi-biaxial stress state may
differ. To this end, different values of heat transfer related parameters are studied in the
sensitivity analyses with the aim to support and evaluate the scope of the main findings. The
sensitivity analyses highlight the differences between 3D and 1D pipe models by comparing
the heat transfer and mechanical analyses’ results under equivalent fluid temperature histories.
This is the first attempt to systematically evaluate the differences of wall temperatures and
stress fluctuations obtained with 3D and 1D approaches. In addition, the effect of mechanical
boundary conditions on the global thermo-mechanical state of the 3D structural system is also
analyzed.

5.1 Characterization of fluid temperature fields
In this section, the approach presented in Section 3.1.2 is applied to a set of experimental data
found in literature in order to reproduce credible temperature fields acting on the inner surface
of piping under turbulent fluid mixing circumstances. First, the case study is presented,
followed by the results of the simulated temperature fields.

5.1.1 Case study
The Vattenfall Benchmark facility [35, 43], sketched in Fig. 5.1, is used in this section as a
case study to demonstrate the application of the proposed approach.

59

60

Chapter 5. Assessment of thermal stresses in 3D pipes
𝑇fhot= 30°C

𝜃

0.1m
Branch Pipe Flow

TOP (0)

y
𝑇fcold
= 15°C

x

z

l = 1.4 m

0.14m

LEFT
(π/2)

y
x

z

RIGHT
(3π/2)

BOTTOM (π)

Main Pipe Flow
Figure 5.1. Sketch of the Vattenfall benchmark facility.

In the work performed by Westin et al. [46], the near wall mean, 〈𝑇̃f (𝑧, 𝜃)〉, and root-meansquare, 𝑇̃frms (𝑧, 𝜃), of the normalized fluid temperatures (see Eq. (3.15)) are given at 5 axial
locations downstream of the T-junction and at 4 circumferential locations. These are shown in
Fig. 5.2-left and -right, respectively, where black dots represent the experimental data
locations. Note, in Fig. 5.2-right, the points that are located 4 diameters downstream and
circumferentially at 𝜃 equal to 0 (2π), π⁄2, π and 3π⁄2. These are named D4 TOP, D4 LEFT,
D4 BOTTOM and D4 RIGHT, respectively, and will be used throughout this chapter to
present main results. This cross section contains the locations with highest level of fluid
temperature fluctuations (D4 RIGHT and D4 LEFT), and is located at a reasonable distance
from boundary conditions at 𝑧=0 and 𝑙 ⁄𝑟i . In Fig. 5.2, data are presented as two-dimensional
fields defined at the inner surface of the pipe. Grid values between the experimental locations
have been linearly interpolated to be used as input data in Section 5.1.2. The data points at
𝑧=0 are assumed in this work in order to generate complete temperature fields. The
temperature difference of the incoming fluids in the Vattenfall benchmark facility was
∆𝑇=15°C, with 𝑇fcold =15°C and 𝑇fhot =30°C, flow bulk velocity of 𝑉=0.8 m/s and the main
pipe inner radius 𝑟i =0.07 m.

Figure 5.2. (left) Input normalized mean temperature field with experimental data locations marked with black
dots. (right) Input root-mean-square field of normalized fluid temperature fluctuations. Crosses with labels
indicate locations used to present results.
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5.1.2 Simulated temperature fields
The fluid temperature fluctuations, 𝐹f (𝑧, 𝜃, 𝑡) Eq. (3.17), and temperature fields, 𝑇f (𝑧, 𝜃, 𝑡)
Eq. (3.22), acting on the inner surface of piping from the Vattenfall benchmark facility are
reproduced in this section for the validation of the proposed approach. The temperature fields
consist of 𝐾=512 points in time domain with time step Δ𝑡=0.02 s giving a simulated time of
𝜏=10.22 s. These produce a maximum frequency of 𝑓𝑐 =25Hz and a frequency interval
Δ𝑓=0.0977Hz. The phase velocity in axial direction of field harmonics, Eq. (3.19), is set to
𝑣=0.8/0.07 m.s-1/m, from the experimental bulk velocity normalized with the pipe inner
radius, which determines the axial wave numbers 𝑘𝑗𝑧 through Eq. (3.20). The wave numbers in
circumferential direction, 𝑘𝑗𝜃 , are randomly chosen from the uniform distribution with 𝜍=3 in
Eq. (3.21). The influence of 𝜍 on the simulated temperature fluctuation fields is nevertheless
assessed in the next subsection. The ending condition, Eq. (3.24), of the minimization process,
Eq. (3.23), is set with a tolerance 𝜀𝑇 =0.05.
PSD profiles of temperature fluctuation measurements of the Vattenfall facility [46, 112],
as shown in Fig. 3.4, resemble the profile given by the analytic expression in Eq. (3.12).
Therefore, the use of Eq. (3.12) with 𝑓0 =1 Hz is a reasonable assumption at all field locations
for the demonstration of the proposed approach. Note that a similar PSD in different
T-junction configurations can also be found elsewhere [34, 64].
The input mean and root-mean-square of normalized fluid temperatures are represented in
Fig. 5.2. Recall that, given the fluctuation levels at field locations in Fig. 5.2-right, the PSD
level is obtained using the PSD expression given by Eq. (3.12) and the amplitudes 𝐴𝑗 (𝑧, 𝜃) are
then derived from Eq. (3.11), for all field locations. If functions fitted to the experimental
PSDs would be used instead of Eq. (3.12), the proposed approach would yield exactly those at
experimental locations and the interpolated ones in between. Note that the normalized fluid
temperatures are also used to present the results in this chapter. Three dimensional pipe
figures have been created using ABAQUS viewer [124].
Figure 5.3 presents an illustrative example at one specific time of the final temperature
fields at the fluid-wall interface 𝑇̃f (𝑧, 𝜃, 𝑡) obtained from the addition of the simulated
fluctuation fields, 𝐹̃f (𝑧, 𝜃, 𝑡) in Eq. (3.17), and the input mean temperature field 〈𝑇̃f (𝑧, 𝜃)〉 in
Fig. 5.2-left. The temperature field in Fig. 5.3c shows one clear characteristic of the flow
downstream of the T-junction, positioned at axial position 𝑧=0 (see Fig. 5.1). The hot branch
flow remains basically attached at the top region of the pipe’s inner surface.
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Figure 5.3. (a) Simulated normalized temperature fluctuations field added to (b) input mean temperature field
results in (c) temperature field at the fluid-wall interface from the Vattenfall benchmark facility. Time intervals
𝐾=512 with time step Δ𝑡=0.02s. Phase velocity 𝑣=0.8/0.07 s-1 and circumferential wave number range 𝜍=3.
Minimization process tolerance 𝜀𝑇 =0.05.

The calculation of the momentum ratio [34, 129] (see Section 2.2.1, Fig. 2.2) for the
Vattenfall benchmark facility conditions gives a type of flow in between wall-jet or reattached [46, 71] and even deflecting-jet [50]. The momentum ratio is sensitive in the ranges
of fluid temperatures and flow values considered. In any case, with the input data used in this
section, re-attached close to wall-jet flow can be expected. This means that the branch flow
will basically remain attached to the pipe wall downstream of T-junction but the “tongue”
flow can be easily broken into hot spots traveling in axial direction. This behavior, also visible
in Fig. 5.3c, can be observed in several CFD analyses of the Vattenfall T-junction in the
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literature [46, 48, 130]. It is moreover emphasized in Fig. 5.4 which shows a time progression
of the fields. However, this spots emerging from the broken tongue should not be confused
with spots in the temperature fluctuation fields. Furthermore, note the point at 4 diameters
downstream - right side (D4 RIGHT), located in the bordering region between the cold/hot
flows. This location has the highest root-mean-square of the temperature fluctuations,
Fig. 5.2-right.

Figure 5.4. Time progression of normalized temperature fields. Labels mark the region with a “tongue” behavior
and the location with highest temperature fluctuation level. Field parameters as defined in Fig. 5.3.
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5.1.3 Field parameters
As described in Section 3.1.2, the presented approach allows for the selection of field
parameters which do not affect the statistics (mean and PSD, therefore variance) of the
generated temperature fields in any field location. Such parameters are: 𝜍 in Eq. (3.21) which
limits the range of wave numbers in circumferential direction 𝑘𝑗𝜃 and the phase velocity 𝑣,
Eq. (3.19), which sets the wave numbers in axial direction 𝑘𝑗𝑧 through Eq. (3.20). Different
velocities (𝑣) clearly result in different axial velocities of the hot/cold spots within the
temperature fluctuation fields. The effect of 𝜍 is assessed next comparing the results for 𝜍=1, 2
and 3.

Figure 5.5. Comparison of normalized temperature fluctuation fields generated with circumferential wave
numbers limited by 𝜍=1, 2, 3, shown at representative times. Field parameters as defined in Fig. 5.3.
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Figure 5.5 shows the results of the normalized fluctuation fields for the considered cases at
representative times. Note, however, that fields are supposed to be different at a given time
since different sets of 𝑘𝑗𝜃 are selected for different 𝜍 values. In Fig. 5.5 it can be observed that
the average size and elongation, in circumferential dimension, of the cold and hot spots tend
to decrease for increasing values of 𝜍 parameter. This is expected since lower wave numbers
imply higher wavelengths in the circumferential direction in each of the plane-waves that
define the fluctuation fields.
The observations from Fig. 5.5 are confirmed in Fig. 5.6 where the size and shape
characteristics of generated hot spots over time are shown. A hot spot is defined as a
normalized fluctuation larger than approximately 0.25 °C. The spot areas, elongations and
orientations have been computed by fitting ellipses to spots present in the fluctuation fields.
The largest effect of the increasing 𝜍 is seen in Fig. 5.6b where an obvious change of the spot
shape is observed towards lower elongation levels. A smaller influence is visible in area and
orientation distributions shown in Fig. 5.6 a and c respectively.

Figure 5.6. Distribution of size and shape characteristics of hot spots over time (fluctuations larger than 0.25 °C).
Spots’ areas are normalized with the area of the domain in (a), spots’ elongations can be seen in (b) and spots’
orientations in (c). Elongation 0 correspond to circular spots and normalized orientation 0.5 to spots oriented
circumferentially.

Without additional experimental or CFD data it is difficult to assess which of the three
cases gives more reliable results. Nevertheless, comparing fields in Fig. 5.5 with computed
temperature fluctuations fields of the pipe’s inner surface in similar analyses found in
literature [72, 75], it can be concluded that cases 𝜍=2 or 3 seem to resemble the fluctuation
fields more realistically.
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5.1.4 Out-of-limits regions in simulated temperature fields
The minimization process within the proposed approach, see Section 3.1.2.1, has been defined
in order to reduce the error of the temperature fields limited physically by the temperatures of
the incoming flows. However, regions with out-of-limits temperatures, but within the
stipulated tolerance 𝜀𝑇 , are present in the generated temperature fields. These regions, shown
in Fig. 5.7, are irregular and changing with time. They are governed by the simulated
fluctuation fields and affected by the mean temperature field. Small changes on mean
temperature fields (and variances/root-mean-squares), approximated here linearly between
experimental results’ locations, could clearly fit these regions within the stipulated limits.
Therefore, finer resolution of the experimental or CFD input data in space domain would be
of great advantage in future temperature fields generated with the proposed approach. Such
small errors, however, should have a small influence in the induced pipe wall stresses. Pipe
wall temperature changes generated by the surface temperature fields are expected to depend
strongly on the filtering effect by the combination of heat convection and diffusion
phenomena.

Figure 5.7. Temperature fields generated with the proposed approach. Grey color regions indicate field
temperatures out of the limiting temperatures of the incoming flows. Note that such deviations are controlled by
tolerance 𝜀𝑇 (here 𝜀𝑇 =0.05).

In the following sections, heat transfer and mechanical analyses of a pipe wall subjected to
the simulated temperature fields are presented. In particular, surface thermal stresses
developed due to time-dependent temperature gradients in the wall are studied in time and
frequency domain. All simulations have been performed using the finite element solver
ABAQUS [124].
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5.2 Thermal analyses of pipe wall
Analyses presented in the following studies have been performed on the straight and
downstream part of the Vattenfall T-junction, Fig. 5.1, with a length 𝑙=1.4 m and considering
Stainless Steel AISI 304L for the pipe material with inner radius 𝑟i =0.07 m and outer radius
𝑟o =0.0796 m. The material properties used in the analyses were chosen for consistency with
similar studies in the literature of the Vattenfall benchmark [72], e.g. thermal conductivity
𝑘w =15.29 W/mK, specific heat 𝑐𝑝 w =493 J/kgK, density 𝜌w =7900 kg/m3, thermal expansion
coefficient 𝛼=15.67x10-6 K-1, Young's modulus 𝐸=193 GPa and Poisson's ratio 𝜐=0.3. The
insertion hole of the vertical pipe into the main pipe has been omitted in all the analyses.

Axial mesh
Circumferential
mesh

Radial mesh

Figure 5.8. Detail of the meshes used in the 3D analyses of the pipe wall. D4-RIGHT position in red circle.

The pipe wall has been meshed using 87,040 hexahedral quadratic elements of type
DC3D20 [124]. The meshes, shown in Fig. 5.8, comprise 64 elements equally distributed in
circumferential direction and 68 elements in axial direction with higher density at axial cross
section D4. Approximate element edge size near D4 cross section is 8 mm. The wall thickness
contains 20 elements with denser mesh (bias 10) towards the inner surface. The smallest
element thickness in radial direction is 0.12 mm.
The convection boundary condition has been set at the inner surface of the pipe, Eq. (3.25),
where the heat transfer coefficient is kept constant in time and space and equal to the
recommended value of 15,000 W/m2K [4]. The pipe is assumed thermally insulated at the
outer surface, Eq. (3.29).
Thermal analyses consist of two steps. The pipe temperature is set initially at the
temperature of the main flow, 𝑇fcold . In the first step the pipe reaches a steady-state
temperature distribution with the fluid mean temperature field as the boundary condition,
Fig. 5.2-left. The second step consists of a transient analysis of time length 𝜏=10.22 s with a
time increment of Δ𝑡=0.02s. These values are equal to those used for the simulated fluid
temperature fields in Section 5.1.2 which are now used as fluid (sink) temperature in the
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convection boundary condition. Moreover, in the second step, the FILM subroutine [124] is
used to import the time-dependent fluid temperature fields during the analysis which are
interpolated at surface nodal locations.

Figure 5.9. Time progression of normalized fluid temperature fluctuations (left) and fluid temperature fields
(right) simulated with parameter 𝜍=2 in the generation of fluid temperature fields which are employed in the
thermo-mechanical analyses of the pipe wall.

The results presented next are obtained for the case with wave numbers in circumferential
direction, 𝑘𝑗𝜃 in Eq. (3.21), limited by 𝜍=2 in the generation of fluid temperature fields. In
Fig. 5.9 the simulated fluctuation fields and the computed temperature fields of the fluid
employed in the thermo-mechanical analyses are shown at two different times. In the
fluctuation fields shown in Fig. 5.9-left one can observe, again, the hot and cold spots
representing the maxima and minima of Eq. (3.17).
Figure 5.10-right shows the temperature distributions of the pipe’s inner surface resulting
from the heat transfer analyses at same times as in the fluid (Fig. 5.9). Clear attenuation of the
calculated surface temperatures can be observed when compared to the fluid temperatures.
Further, pipe wall temperature fluctuations:
𝐹̃w (𝑟, 𝑧, 𝜃, 𝑡) = 𝑇̃w (𝑟, 𝑧, 𝜃, 𝑡) − 〈𝑇̃w (𝑟, 𝑧, 𝜃)〉

(5.1)

have been computed from the wall temperatures obtained in the heat transfer analysis. The
temperature fluctuations of the pipe’s inner surface are represented in Fig. 5.10-left. Hot and
cold spots resemble those of the fluid temperature fluctuations (Fig. 5.9-left). Surface
temperature fluctuations that resemble hot and cold spots traveling along the pipe surface
were initially pointed out in similar studies in the literature [72].
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Figure 5.10. Normalized temperature fluctuations (left) and temperature fields (right) of the pipe’s inner surface
as a result of heat transfer analyses. The temperature fluctuations are computed from the wall temperatures.
Results presented at same times as in the fluid (Fig. 5.9).

The distribution of temperature range maxima of the generated fluid temperature fields:
rng
𝑇̃f (𝑧, 𝜃) = max𝑡 [𝑇̃f (𝑧, 𝜃, 𝑡)] − min𝑡 [𝑇̃f (𝑧, 𝜃, 𝑡)]

(5.2)

and of the resultant wall inner surface temperature fields:
rng
𝑇̃w (𝑟i , 𝑧, 𝜃) = max𝑡 [𝑇̃w (𝑟i , 𝑧, 𝜃, 𝑡)] − min𝑡 [𝑇̃w (𝑟i , 𝑧, 𝜃, 𝑡)]

(5.3)

are shown in Fig. 5.11.

Figure 5.11. Computed distribution of temperature range maxima from the generated fluid and resultant pipe’s
inner surface temperature fields for the presented case with 𝜍=2. Regions of higher temperature range generally
match high fluctuation level regions in Fig. 5.2-right.
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These indicate that, as one could expect, the regions with higher temperature ranges
generally match those with higher input fluctuation levels (see Fig. 5.2-right). This occurs for
both fluid and wall surface at the D4 RIGHT location. The fluid has a maximum normalized
temperature range at this location of about 0.9, while at the pipe surface it reduces to 0.4. The
heat convection/diffusion filtering reduces the range of fluid temperatures at the pipe inner
surface. It has to be noted, however, that the range is a matter of probability which could
easily change for longer temperature histories.

Figure 5.12. Fluid (𝑇̃f ) and pipe surface (𝑇̃w (𝑟i )) temperature histories, their distributions and PSDs shown for 4
circumferential positions (LEFT, TOP, BOTTOM and RIGHT) at cross section located 4 diameters downstream.
In labels, fluid temperature fluctuations levels (𝑇̃frms ).

The resulting temperature histories, temperature distributions and PSD’s of the fluid and
pipe’s inner surface can be seen in Fig. 5.12 at the 4 circumferential positions at a cross
section located 4 diameters downstream, i.e., D4 LEFT, TOP, BOTTOM and RIGHT
presented in Fig. 5.2-right. The temperature distributions of the top location are still rather
symmetrical around their mean and not greatly affected by the minimization process of the
error function, Eq. (3.23). The distributions at the other three locations are clearly
asymmetrical. As shown in the out-of-limits regions of the generated fields in Section 5.1.4,
the bottom location, although with the lowest level of the PSD, is one of field locations where
the minimization process was not able to fit completely the temperatures between the limits
but ending within the stipulated tolerance 𝜀𝑇 =0.05. The input data (mean, variance) at this
location yield a point very close to the Max_PSD curve in the temperature variation space in
Fig. 3.5 and therefore difficulties may be expected in the generation of temperatures of such
characteristics. Nevertheless, the temperature oscillation range at this location is well below
the maximum allowed margin by the temperature difference of the incoming flows.
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Temperature filtering effects due to coupling of heat convection and diffusion in the wall
can be further seen in Fig. 5.12. The amplitudes of temperature fluctuations in solid are
reduced significantly. Recall the imposed theoretical PSD profile in the fluid temperatures,
Eq. (3.12), which is reproduced at all field locations with 𝑓0 =1 Hz. Therefore, the same heat
transfer function, Eq. (3.47) as 𝐻 = 𝑇̃wrms (𝑟i )/𝑇̃frms =0.46, is obtained everywhere in the field.
This is the same result obtained in Section 4.2, Fig. 4.11a, for 𝑓0 =1 Hz.

5.3 Mechanical analyses of pipe wall
Time-dependent temperature fields of the pipe wall obtained in heat transfer analyses are used
here as a source of thermal stresses. Such one-way or uncoupled mechanical analyses were
also used elsewhere [5, 36, 71, 72] since it is assumed that structural displacements do not
affect either the flow condition or wall thermal fields. The mesh used in mechanical analyses
is the same as the one described in the previous section, Fig. 5.8. Hexahedral quadratic
elements of the type C3D20 [124] have been used to perform mechanical analyses.

5.3.1 Stress fluctuations at inner surface
Thermal fatigue is induced by stress fluctuations, which develop due to the variation of
temperature gradients inside the structure. Temperature gradients arise due to localized
temperature fluctuations in the structure. Therefore, in terms of fatigue assessment,
consideration of structural temperature fluctuations, Eq. (5.1), as a source of stress
fluctuations may be sufficient in the assumed linear elastic regime. This reasoning has been
applied in recent studies which try to define more realistic thermal boundary conditions in 1D
methods, by means of complex CFD-LES-CHT simulations [72]. In this way, mechanical
boundary conditions, explained in detail in the next section, do not produce any relevant
effects on stresses; the pipe wall is assumed stress free at 𝐹̃w (𝑟, 𝑧, 𝜃)=0. Figure 5.13 shows the
axial and Mises (see Eq. (B.2) in Appendix B) stress fluctuations of the pipe’s inner surface,
at same times as in Figs. 5.9 and 5.10. Clear correlation can be observed between cold/hot
spots in the fluid/solid temperature fluctuations (Figs. 5.9 and 5.10, left) and surface stress
concentrations (Fig. 5.13).
Recall that, due to the linearity of the heat equation, constant material physical properties
and the linear elastic mechanical response, the procedure again yields stress fluctuations
which behave linearly with the temperature difference of the mixing fluids, used to normalize
all the results presented in this chapter. In particular, normalization of stresses follows
Eq. (3.44).
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Figure 5.13. Normalized axial (left) and Mises (right) stress fluctuations of the pipe’s inner surface as a result of
mechanical analyses using wall temperature fluctuations as thermal loads. Cold/hot spots in the fluid/solid
temperature fluctuation fields (Figs. 5.9 and 5.10, left) match surface stress concentrations.

Surface-localized wall temperature fluctuations induce an almost equi-biaxial stress state at
the surface. This can be seen in Figs. 5.14 and 5.15 at the 4 circumferential locations D4
LEFT, TOP, BOTTOM and RIGHT. Specifically, Fig. 5.14 shows at the 4 locations the time
histories of normalized surface temperature fluctuations 𝐹̃w (𝑟i ) compared to the induced, axial
𝜎̃𝑧 (𝑟i ) and hoop 𝜎̃𝜃 (𝑟i ), normalized stress fluctuations. Positive temperature fluctuations
generate compressive stresses while negative temperature fluctuations cause tensile stresses. It
can also be noticed that both stresses closely follow the temperature fluctuations. This is
emphasized by the linear correlation factors between fluctuations and axial stresses r(F-z) and
hoop stresses r(F-θ). The correlation factors are close to -1 at all locations, however, the
correlation between surface temperature fluctuations and hoop stresses is slightly lower than
for axial stresses.
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Figure 5.14. Comparison between time histories of normalized surface temperature fluctuations and, axial and
hoop, stress fluctuations. Results presented for the circumferential positions (LEFT, TOP, BOTTOM and
RIGHT) at cross section located 4 diameters downstream. Legend: linear correlation factors between surface
temperature and, axial r(F-z) and hoop r(F-θ), stress fluctuations.

The almost equi-biaxial stress state of the pipe surface can be further examined by
correlating axial and hoop stress fluctuations. This is shown in Fig. 5.15 at same locations as
in Fig. 5.14. It can be observed that linear correlation between stress fluctuations r(θ-z) is
rather close to one at all locations. Figure 5.15 also includes axial stress distributions that, to
some extent, match distribution of surface temperatures in Fig. 5.12.
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Figure 5.15. Correlation between axial and hoop normalized surface stresses using wall temperature fluctuations
as thermal loads. Results presented for the circumferential positions (LEFT, TOP, BOTTOM and RIGHT) at
cross section located 4 diameters downstream. Legend: computed normalized stress fluctuations and linear
correlation factors between hoop and axial stress fluctuations, r(θ-z).

The study follows with a spectral analysis of surface stresses. Figure 5.16 shows the
normalized surface temperature and stress fluctuations in the frequency domain. It can be
observed that the normalized PSDs follow very similar trend. Recall that the linear correlation
between temperature and hoop stress fluctuations in time domain is lower than with axial
stresses (see Fig. 5.14). This seems to be reflected in fluctuations of the PSD of hoop stresses
in the low frequency range up to 1Hz. Also at low frequencies, the PSD of stresses is lower
than the PSD of temperature fluctuations. This agrees with the lower constraint conditions of
the surface that can be expected at low frequencies. Moreover, PSDs of temperatures and
stresses at 5 Hz are two orders of magnitude lower than at the lowest frequency. This is again
expected because high frequency temperature and stress fluctuations are highly filtered out by
the convection and diffusion heat transfer.

5.3 Mechanical analyses of pipe wall
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Figure 5.16. PSDs of normalized surface temperature and stress fluctuations at the circumferential positions
(LEFT, TOP, BOTTOM and RIGHT) at cross section located 4 diameters downstream.

Distributions of the normalized axial stress range maxima induced at the inner surface,
computed as:
rng
𝜎̃𝑧 (𝑟i , 𝑧, 𝜃) = max𝑡 [𝜎̃𝑧 (𝑟i , 𝑧, 𝜃, 𝑡)] − min𝑡 [𝜎̃𝑧 (𝑟i , 𝑧, 𝜃, 𝑡)]

(5.4)

can be seen in Fig. 5.17. Regions with higher stress ranges are found to match those with
greater variance of the fluid temperature fluctuation, matching the observation with the
temperature ranges (see Fig. 5.11). Similar behavior has also been found in recent
studies [36].

Figure 5.17. Distribution of axial stress range maxima at the pipe’s inner surface. Higher stress ranges occur at
locations with higher variance of the fluid temperature fluctuation.
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5.3.2 Mechanical boundary conditions and their effect on surface stresses
Wall temperature fluctuations generate stress fluctuations over a mean stress state. This mean
stress state, on the other hand, arises from the global thermo-mechanical loading of the
structure. The presented 3D pipe model comprises only a portion of the whole piping system
and its global deformation and loading highly depends on the considered boundary conditions
(BCs). Thus, the aim is to develop mechanical BCs to be applied on the pipe section
considered that resemble, at a low computational cost, the omitted parts of the installation.
Therefore, in this section, mechanical analyses are performed with wall temperature fields
obtained in the heat transfer analyses assuming a temperature difference between the mixing
fluids of ∆𝑇=100°C, e.g. from 𝑇fcold =100°C to 𝑇fhot =200°C. Two types of mechanical BCs
are considered and their influence on the global thermo-mechanical loading of the structure is
studied. In this case, the pipe wall is stress free at 100°C. The first BC, named BC-Soft, is
shown in Fig. 5.18a. The nodes in the pipe’s cross section at 𝑧=0 are kept on plane (axial
displacement 𝑢𝑧 =0). In this cross section, the outer surface node at the top of the pipe is
pinned to avoid free body movement. The end cross section 𝑧= 𝑙 ⁄𝑟i is free. Figure 5.18a
shows the Mises stress distribution at the inner pipe surface (deformation scale factor 30), at
simulation time 6.6 s (same as Fig. 5.13-right). A pipe bending is clearly seen due to the
existing circumferential temperature gradients between top (hot tongue) and bottom (cold).
The BC at 𝑧=0 assumes that omitted upstream piping is completely stiff in axial direction
while the BC at the end of the pipe is too soft since there is no modeling of downstream
piping. This free-end BC allows free bending of the pipe. Away from 𝑧=0, stresses prove to
be equal to those arising with a completely free pipe (not shown here).
The second BC considered, named BC-Hard, is shown in Fig. 5.18b. The wall rigidity
induced by the omitted parts of the installation, i.e. a T-junction (inlet and branch pipes) and
outlet pipe, have been simulated with the addition of beams. The lengths of the inlet and outlet
beams are assumed equal to the 3D pipe length (1.4 m) and the branch beam length to 0.5 m.
The beam components are meshed with 50 (inlet, outlet) and 20 (branch) linear elements of
type BC31 [124]. The beams implementation assumes a pipe cross-section equal to that of the
3D pipe and they are stress free also at 100°C. The temperature during the simulation is kept
at 100°C for the inlet beam and set to 200 and 150°C for the branch and outlet beams,
respectively. The boundary condition applied to the outer nodes of the beams suppresses all
degrees of freedom except for the outlet beam which can move in the axial direction. Further,
the beam’s nodes located at the 3D pipe’s boundaries are kinematically coupled with the
respective cross sections of the 3D pipe. No heat conduction is assumed between beams and
the 3D pipe. Figure 5.18b shows the Mises stress distribution at the inner surface (deformation
scale factor 300) at same time as in Fig. 5.18a. Comparing the deformation states from both
BCs in Fig. 5.18 it can be observed that with BC-Hard, cross section 𝑧=0 is able to slightly
rotate around the X axis while the outlet beam brings the stiffness from omitted piping
downstream, i.e. avoiding free bending. Note also the negative displacement of the system in
Y direction which is induced by the temperature increase of the inlet beam. The resulting
deformations of the 3D pipe and the beams yield a reasonable deformation of the overall
system. The modeling approach has also shown to be computationally inexpensive.
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Figure 5.18. Effects of mechanical boundary conditions (BCs) on the deformation and stress state of the pipe
downstream of a T-junction (located at 𝑧=0). Mises stress distribution of the pipe’s inner surface at time 6.6s for
(a) BC-Soft (scale factor 30) and (b) BC-Hard (scale factor 300).

The effect of BCs on surface stress states is shown in Fig. 5.19 at 4 circumferential
locations D4 LEFT, TOP, BOTTOM and RIGHT. For the two boundary conditions
considered, hoop and axial stresses are correlated in the same way as in Fig. 5.15. In fact, both
stress fluctuations remain unchanged under the application of BCs. Note that a global thermomechanical state affects mainly the axial loading of the structure since hoop stresses remain
basically unchanged. The variation in axial stresses is indicated in Fig. 5.19 by the computed
values of their mean in each location. It can be observed that LEFT and RIGHT locations are
not affected by the BCs. In TOP location the axial stresses become more compressive; in fact
with BC-Hard axial stresses shift to fluctuate under compressive values. On the other hand,
the situation is reversed in the BOTTOM location where the stresses become always tensile
with BC-Hard. This stress state could make crack initiation and propagation more likely at
this location. Furthermore, the almost equi-biaxial stress state is now lost. In the presented
case study, however, these two locations, TOP and BOTTOM where BCs have a clear effect
on the mean stress state, turn out to undergo relatively low levels of stress fluctuations.
Validation of BC-Hard modeling technique has been performed by repeating the same
analyses with half and double length of all beams and also with constant beam temperatures
throughout the simulation (100 °C). In all the cases, results showed a very small difference,
±5 MPa, of mean stress levels. This implies that, for the system considered here, the main
contributor to mean stress state of the structure is the actual mean temperature distribution.
Note that a different mean temperature distribution, for instance generated by a different flow
pattern condition, would affect the overall deformation of the system. The mean stresses given
in Fig. 5.19 have also proved to increase, in this elastic regime, linearly with the temperature
difference of the mixing fluids.
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Figure 5.19. Correlation between axial and hoop surface stresses using wall temperatures as thermal loads.
Results presented for the two BCs considered, BC-Soft and BC-Hard, in circumferential positions (LEFT, TOP,
BOTTOM and RIGHT) at cross section located 4 diameters downstream. Arrows indicate that axial stresses
become always tensile with BC-Hard in D4 BOTTOM, and compressive, in D4 TOP. Legend: mean axial
stresses.

5.4 Sensitivity analyses
The results given in Section 5.3 can be summarized as follows:






Axial and hoop stress fluctuations at the pipe’s inner surface are almost linearly
correlated to surface temperature fluctuations (r(F-z) and r(F-θ) are close to -1 in
Fig. 5.14).
Axial and hoop stress fluctuations at the pipe’s inner surface are similar in amplitude
(equi-biaxiliaty; r(θ-z) is close to 1 in Fig. 5.15).
Previous two points yield very similar PSD profiles of temperature and stress
fluctuations. (Fig. 5.16).
Pipe’s global thermo-mechanical loading is highly influenced by the mean temperature
field and boundary conditions. The surface stress state is not necessarily equi-biaxial
and may turn out to fluctuate around tensile/compressive mean values (Fig. 5.19).

These results agree with recent studies in the literature [5, 36, 71, 73]. Other related works
try to simplify these complex studies with the 1D (through-thickness) methods [72, 75, 112].
Recalling from Section 3.4 that the ASME fatigue assessment criterion omits the mean
stresses arising from the 3D global thermo-mechanical state, this section focuses on a detailed
study of the first two points listed above, i.e. an investigation of wall stress fluctuations with
emphasis on the surface as potential location of crack initiation. The study also includes 1D
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analyses with equivalent temperature histories in order to compare wall stress fluctuations
evolving from 3D and 1D approaches.

5.4.1 Sensitivity analysis of wall temperature fluctuations
Localized surface thermal stresses originate when the expansion or contraction of surface
material is constrained, to some extent, by neighboring volumes of material at different
temperatures. Hence, it is expected that surface stresses depend on existing temperature
gradients in the pipe wall: stronger the temperature gradients, higher the thermal stress. A
sensitivity analysis is therefore performed to study the influence of Fourier (𝐹𝑜) and Biot
numbers (𝐵𝑖), Eq. (3.31), on thermal stress behavior using the same fluid temperature fields
shown in Section 5.2. Furthermore, the same analyses are also performed considering radial
temperature gradients only using a 1D pipe wall model. Finally, an assessment of 1D analyses
versus complete 3D ones is performed by comparing wall thermal-thickness results with
equivalent fluid temperature histories near the surface. Studies presented in this section
compare wall thickness results at the D4 RIGHT location. For the 1D analyses the fluid
temperature history at this location, given in Fig. 5.12, has been used.

Figure 5.20. Cases considered in the sensitivity analysis of heat transfer related parameters. Symbols with labels
mark 9 different sets of 𝐹𝑜 and 𝐵𝑖 numbers; c0 corresponds to reference case used in previous sections. Sketches
in right-side summarize wall thermal-thickness results from Fig. 5.21.

Time-dependent heat diffusion in a solid with convection boundary condition is
characterized by the two non-dimensional numbers, i.e. Fourier (𝐹𝑜) and Biot numbers (𝐵𝑖),
Eq. (3.31). The time increment Δ𝑡=0.02s and pipe thickness 9.6 mm are used here to define
the characteristic time 𝑡 ∗ and characteristic length 𝐿∗w , respectively. Figure 5.20 shows 9
different cases, in 𝐵𝑖- 𝐹𝑜 space, considered in the sensitivity analysis. Note that the reference
case, c0, corresponds to the results shown in Sections 5.2 and 5.3 with pipe material properties
given in Section 5.2 and heat transfer coefficient equal to 15,000 W/m2K. It has to be pointed
out that in order to observe relevant differences between the two approaches compared in this
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section (1D and 3D pipe wall models), a large parameter space of 𝐵𝑖- 𝐹𝑜 numbers has been
investigated even though extreme values considered are not achievable in practical terms.
Changes in wall thermal diffusivity induced by different 𝐹𝑜 and 𝐵𝑖 numbers result in
variations of wall thermal-thickness. A thermally-thin wall, for instance, undergoes similar
temperature fluctuations throughout the thickness. Figure 5.21 presents the radial profiles of
wall temperature fluctuations, 𝑇̃wrms (𝑟̃ ), normalized with the inner surface value, 𝑇̃wrms (0), for
the 9 cases considered. Such normalization allows comparing wall thermal-thickness among
different cases. In Fig. 5.21 lines and symbols denote results from 3D and 1D analyses
respectively. Figure 5.21a presents results of cases closer to the reference case (c0) and
Fig. 5.21b results of more distant cases (cases can be located with the use of Fig. 5.20). The
results show that 𝐹𝑜 number has stronger influence on the profile of normalized fluctuations.
Flat profiles, which indicate thermally-thin walls, develop for high 𝐹𝑜 numbers. Conversely,
low 𝐹𝑜 numbers yield temperature fluctuations localized at the surface, i.e., thermally-thick
walls. The influence of 𝐵𝑖 number on the profile is, on the other hand, weaker.

Figure 5.21. Radial profiles of temperature fluctuations normalized with the inner surface value for 9 cases: (a)
cases near c0 and (b) cases far away from c0.

These observations, summarized in Fig. 5.20, can be seen by comparing profiles of
c3-c0-c6 (with same 𝐵𝑖) and c4-c0-c5 (with same 𝐹𝑜). Figure 5.21 also shows for almost all
cases a perfect agreement between wall fluctuations derived from 3D and 1D thermal
analyses. However, the 1D results in c6 and c8 are slightly higher than in 3D, therefore
indicating that radial heat diffusion in 3D is slightly lower in these two cases. This behavior is
clearly observed in Fig. 5.21b for c7. Lower radial heat diffusion in 3D analyses is given by
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the presence of hoop and axial heat fluxes. The heat, in this case, flows in the other two
directions and influences wall thermal-thickness. Moreover, by monitoring wall heat fluxes it
has been observed that radial ones decrease by 2 orders of magnitude from c0 to c7, becoming
of the same order of magnitude as axial and hoop heat fluxes. However, in all other cases,
radial heat fluxes prevail and dominate the thermal behavior of the wall.

Figure 5.22. Heat transfer function, i.e. inner surface temperature fluctuations normalized with the fluid value
(𝑇̃frms (D4 RIGHT) ≈ 0.17). Bars and dots represent 3D and 1D analyses results, respectively. Results distributed
in horizontal axis according to wall thermal-thickness observed in Fig. 5.21: from thermally-thick (left) to
thermally-thin (right).

Figure 5.22 shows inner surface temperature fluctuations, 𝑇̃wrms (0), normalized with the
fluid value (𝑇̃frms (D4 RIGHT) ≈ 0.17), i.e. the heat transfer function defined in Section 3.3.3
by Eq. (3.47). Results are distributed, with the conveniently named cases, according to the
wall thermal-thickness observed in Fig. 5.21: from thermally-thick (left) to thermally-thin
(right) in the horizontal axis of Fig. 5.22. Bars and dots represent 3D and 1D analyses results,
respectively. The studied cases span the whole range of possibilities: from practically nonexisting fluctuations in c2 to fully following the fluid in c7. Note that both, 𝐵𝑖 and 𝐹𝑜,
numbers contribute to surface temperature fluctuations. However, 𝐵𝑖 number has a stronger
influence observed when comparing the results for c4-c0-c5 with same 𝐹𝑜 and c3-c0-c6 with
same 𝐵𝑖. Nevertheless, these results also indicate that wall thermal-thickness does not
correlate with surface temperature fluctuations. Moreover, no cases except c8 show relevant
differences between 3D and 1D temperature fluctuations. In case c8, where a flat normalized
profile is observed in Fig. 5.21b, 1D surface fluctuations present nearly 50% increase with
respect to 3D ones.
The special case c8 requires further discussion. c8 (and also c7), has a very high 𝐹𝑜
number indicating a very high heat diffusivity rate in the wall compared to the rate of heat
storage (capacity). Therefore, surface temperature changes are rapidly diffused through the
wall. In the 1D model and with adiabatic outer surface, the inner surface must then follow the
fluid temperature. In the 3D model, however, heat may flow in other two directions so that
this effect is less acute. Thus, c8 surface fluctuations in Fig. 5.22 tend to follow the fluid more
closely in 1D than in 3D. This effect is however not observable in c7 due to the very high 𝐵𝑖
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number which, together with very high 𝐹𝑜, enforces surface temperatures in both, 1D and 3D
models.
It is also worth to mention the fact that for a given 𝐹𝑜, an increase of 𝐵𝑖 number actually
increases the wall thermal-thickness, i.e. lowers the profile of temperature fluctuations
through thickness (see c4-c0-c5 cases, c7-c8 and c1-c2 in Fig. 5.21). First of all it has to be
noted that, in absolute terms, cases with higher 𝐵𝑖 (for given 𝐹𝑜) deliver higher temperature
fluctuations than cases with lower 𝐵𝑖 (see Fig. 5.22). However, the wall-thickness profiles
normalized with the surface value are lower. It can be concluded that an increase of boundary
layer conductivity not only increases the wall fluctuations but also its thermal thickness. Note
that 𝐵𝑖 number affecting the intensity of wall thermal fluctuations has been identified in the
1D study presented in Section 4.2: the profiles in Fig. 4.12 and the thermal stress function,
Eq. (3.48), in Fig. 4.11b are not independent of the heat transfer coefficient under multifrequency fluid temperatures. This is a consequence of the different heat transfer functions to
the individual harmonics for different heat transfer coefficients.

Figure 5.23. PSDs comparison between fluid and 3D surface temperature fluctuations.

For the two extreme cases, c7 and c8, a slight increase of wall thermal thickness in 3D with
respect to 1D results can be observed (lower 3D profiles than 1D in Fig. 5.21b). This indicates
an enhancement of heat diffusion in circumferential and axial directions versus the radial one.
This can be understood from the fact that at high 𝐵𝑖 and in 3D, surface temperatures are
higher everywhere, therefore, increasing also circumferential and axial heat fluxes and, as
described above for case c7, lowering the actual profiles.
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Finally, c2 has no temperature fluctuations at the surface because of very low 𝐵𝑖 and 𝐹𝑜
numbers. This gives a high thermal resistance of the boundary layer with respect to the solid
media and a high heat storage (capacity) compared to heat diffusivity. Although the
normalized profile through thickness for c5 shows very thermally-thick wall, the absolute
values are almost 0.
Spectral analyses for fluid and 3D surface temperature fluctuations are compared in
Fig. 5.23. The same theoretical PSD imposed in the fluid is obtained by c7, Fig. 5.23a. Very
similar PSD profiles to c0 are obtained for c1 and c8 with small differences at high
frequencies. Also, levels of PSD for cases closer to the reference c0, Fig. 5.23b, are noticed to
be distributed in the same way as surface temperature fluctuations, in Fig. 5.22. Note that PSD
of c2 is not visible in the ranges considered in Fig. 5.23 due to low level of its temperature
fluctuations. Anyhow, these spectral analyses’ results are expected since the area bellow
normalized PSD corresponds to the variance of temperature fluctuations, therefore, to square
of 𝑇̃wrms (0).

5.4.2 Sensitivity analysis of stress fluctuations
In this section, stress fluctuations evolving in 3D pipe are compared to those in a 1D pipe
model where only radial temperature gradients are assumed to be present in the pipe wall. The
analytical expressions of the thermal stresses in a 1D pipe model are given in Eq. (3.41). It is
worth recalling that the 1D hoop and axial stresses at the surface are equal for free-end pipe
condition, i.e. 𝜐̃=1 in Eq. (3.43), and therefore perfect equi-biaxial surface stress fluctuations.
The correlation between surface stresses and temperature fluctuations depends on the timedependent integral in Eq. (3.43). The value of this integral proves to be low since surface
stresses and temperature fluctuations are almost linearly correlated and, therefore, correlation
between hoop and axial stresses should also be high for fixed-end conditions (𝜐̃= 𝜐 in
Eq. (3.41)). Further, considering fixed-end conditions, the correlation between fluctuations
and axial stresses will be higher than with hoop stresses since the integral is, in this case,
multiplied by additional Poisson’s factor. These statements agree with results presented in
Figs. 5.14 to 5.16 for 3D surface stresses of the reference case (c0). However, it is not obvious
which (1D) boundary condition better resembles 3D stress behavior and under which
conditions. Thus, it is of interest also to assess the effects of 1D boundary conditions.
The aim of this section is to study the stress fluctuations’ behavior for different thermal
states of the pipe wall and to assess differences between 3D and 1D pipe models. The
influence of different 𝐵𝑖 and 𝐹𝑜 numbers on wall stresses, in 3D and 1D, is studied at point
D4 RIGHT. The hoop stress fluctuations are studied in more detail since they are
representative of both, free and fixed, 1D boundary conditions. The correlation of axial and
hoop stresses at the surface is then compared for the 3D and 1D analyses employing fixed
boundary conditions. Finally, the radial profiles of axial stress fluctuations are studied for 3D
and 1D analyses employing the two mechanical boundary conditions. The 3D pipe model
analyses employ the wall temperature fluctuations as thermal loads, see Section 5.3.1. In this
way, the 3D analyses are insensitive to the mechanical boundary conditions affecting the
global deformation and mean stresses. Thus, only thermal effects on the local stress
fluctuations arising in the D4 RIGHT location, away from the system boundaries, are studied.
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Higher surface temperature fluctuations are usually assumed to generate higher thermal
stresses. However this statement omits the thermal state of the component and may not be
necessarily always true. The answer comes through the thermal stress function defined in
Section 3.3.3, Eq. (3.48) (see Figs. 4.2, 4.11b and 4.16b), indicative of the level of surface
constraint induced by the adjacent wall. Recall that the thermal stress function is also
indicative of the relative surface conditions to those in fully constrained conditions. This is
next calculated for all cases in Fig. 5.22 using the hoop stress, i.e. 𝑆 = 𝜎̃θrms (0)/𝑇̃wrms (0).
Further, also the linear correlation factors between hoop and axial stress fluctuations, r(θ-z), at
the surface have been computed for all the cases considered. It is worth to recall that r(θ-z) is
also a measure of stress equi-biaxiality since mean stress effects have been eliminated. The
correlations prove to be, in general, quite high. In order to properly observe relevant effects,
they are subtracted from unity and plotted in a log scale where 0 represents perfect equibiaxial stress state.
The results of thermal stress functions and stresses’ correlations have been summarized in
Fig. 5.24. Bars and dots represent 3D and 1D analyses results, respectively. Both results,
thermal stress functions and stress equi-biaxiality, prove to correlate with the wall thermal
thickness.

Figure 5.24. Grey: Thermal stress functions (left vertical axis). Blue: linear correlation factors between hoop and
axial stress fluctuations at the surface r(θ-z) (right vertical axis) after being subtracted from the unity. Bars and
dots represent 3D and 1D analyses results, respectively.

Values of thermal stress functions are represented in left vertical axis of Fig. 5.24. Results
closer to 1 are those with very thermally-thick wall, i.e., when the temperature and stress
fluctuations are concentrated very close to the surface. As the wall becomes thermally thinner,
no material volume is available to fully constrain the volume change of the surface layer,
hence, developing lower stress levels. 1D stresses are in general overpredicted with respect to
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3D ones, except for c7 and c8 cases. We may come back to this point later on. Although no
apparent thermal differences turn out from 1D and 3D analyses for c0, c3, c4 and c5 (see
Fig. 5.21 and 5.22), the 1D surface constraint conditions may be up to 10% higher than 3D
ones. This value represents the over-conservatism in 1D methods which arises from the stiffer
thermo-mechanical response of the wall to local fluid temperature fluctuations. The inner
surface of the 3D pipe is able to accommodate, in the axial and hoop directions, some of the
thermal strains induced by local temperature changes at different surface locations.
Linear correlation factors between hoop and axial stress fluctuations at the surface r(θ-z)
are represented in the right vertical axis of Fig. 5.24 after being subtracted from the unity. It
can be clearly observed that also the stress correlations, which denote equi-biaxiality of stress
fluctuations, increase with wall thermal-thickness. The differences between 3D and 1D results
can be observed in Fig. 5.24 indicated by bars and dots, respectively. 1D correlations are in
general higher than 3D ones except for the three thermally-thin wall cases that presented clear
differences between 3D and 1D profiles of temperature fluctuations, i.e., c6, c7 and c8 in
Fig. 5.21. These 1D correlations differ from 3D ones due to higher axial stresses. This effect
arises by the fixed-end boundary condition in axial direction which proves to be stiff in these
thermally-thin wall cases. However 3D correlations are, in general, very high with the
exception of c7 and c8 which present moderated values (r(θ-z)~0.8). Also note that the 1D
correlation for c1 is 1 which means perfectly equal axial and hoop stresses. Nevertheless, it
has been observed that these results are also representative of correlations between
temperature and stress fluctuations, i.e., r(F-z) and r(F-θ) in Fig. 5.14. The results of stress
correlations in Fig. 5.24 show that surface stress fluctuations in the 3D pipe wall, away from
any material, geometrical or structural discontinuities such as the D4 RIGHT location
considered, are nearly perfectly equi-biaxial.

Figure 5.25. Frequency response function, i.e. inner surface hoop stress fluctuations normalized with the fluid
value. Bars and dots represent 3D and 1D analyses results, respectively.

Figure 5.25 shows the hoop stress fluctuations of the inner surface normalized with the
fluid temperature fluctuation level, i.e. the frequency response function, Eq. (3.46). This
represents the combined thermo-mechanical response of the pipe wall from the heat transfer
and thermal stress functions. Bars and dots represent, also in Fig. 5.25, 3D and 1D analyses
results, respectively. In Fig. 5.25 it can be seen that c7 with highest temperature fluctuations
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in Fig. 5.22 undergoes lower 3D stress fluctuations than the reference case c0, and almost zero
stresses arise in 1D analyses. Also low 1D stresses are obtained for c8. This a consequence of
the low thermal stress function obtained for these two cases in Fig. 5.24. It is worth to point
out that in thermally-thin cases, as observed for c7 and c8 in 1D results (Fig. 5.21), there is no
wall material that can effectively constrain the volume changes and thus induce thermal
stresses. The explanation for the generation of surface stress fluctuations in 3D analyses for c7
and c8 cases is given below. It can be anticipated here that nonzero stresses are caused by the
lateral proximity of material volumes at different temperatures.
The c0 and c1 cases share temperature fluctuations levels but stress fluctuations are lower
in c0 due to the lower thermal stress function obtained for c0. Maximum stresses are obtained
for c4 which shares same 𝐹𝑜 number with c0 but one order of magnitude higher 𝐵𝑖. The case
c2, with zero temperature fluctuations, presents also zero stress fluctuations as expected even
though c2 reaches fully constrained stress levels because of very localized surface fluctuations
(see Fig. 5.21b and 5.22). It can be emphasized at this point that, with exception of the
extreme c7 and c8 cases, 1D surface stress fluctuations are up to 10% higher than 3D ones.
This represents the level of conservatism of 1D over 3D methods.
Finally, by comparing Figs. 5.22 and 5.25 one can observe a considerable overlap between
the two plots, except for c7 and c8 cases. This indicates that surface temperature fluctuations
(the second term of Eq. (3.43) for 1D hoop stress) contribute much more to the hoop stress
fluctuations than the radial temperature fluctuations, i.e., the wall thermal-thickness (the first
term integral of Eq. (3.43) for 1D hoop stress). Therefore, as it has been shown in Fig. 5.24,
this reasoning agrees with the almost linear correlation between surface temperature
fluctuations and stress fluctuations obtained in almost all cases considered.

Figure 5.26. Distributions of the 3D pipe wall temperature fluctuations at the specific time when a fluid hot spot
passes the studied D4 RIGHT location for the c0 (left) and c7 (right) cases.

The 3D stress fluctuations are higher than 1D ones for the very thermally-thin wall c7 and
c8 cases. These two are special cases where the effect of hoop and axial temperature gradients
are indeed relevant. Figure 5.26 compares the 3D pipe wall thermal response between c0 and
c7 cases, at specific time, when a fluid hot spot passes the point D4 RIGHT. The fluctuations
are very surface localized in c0, therefore, radial heat fluxes are predominant and thermal
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stresses are mainly induced by wall thickness material which constrains the surface expansion.
However, in c7 practically the whole wall thickness fluctuates and radial heat fluxes are of the
same order than circumferential and axial heat fluxes. The local expansion of the wall is in
this case constrained by adjacent axial and circumferential material volumes. These are the 3D
stress fluctuations that cannot be reproduced with 1D models. In Fig. 5.24, 1D results for c7
and c8 denote practically 0 stress fluctuations while 3D stress fluctuations demonstrate to be
up to 40% of the maximum stress value for the extreme c7 condition.
5.4.2.1 Radial profiles of stress fluctuations
Figure 5.27 presents the radial profiles of hoop stress fluctuations, 𝜎̃𝜃rms (𝑟̃ ), normalized with
the inner surface value, 𝜎̃𝜃rms (0), for selected cases. The wall thermal-thickness, represented
by normalized 𝑇̃wrms (𝑟̃ ) in Fig. 5.21, has a clear correspondence with normalized 𝜎̃𝜃rms (𝑟̃ ) in
Fig. 5.27.

Figure 5.27. Radial profiles of hoop stress fluctuations normalized with the inner surface value. Results given for
selected cases defined in Fig. 5.20.

However, in Fig. 5.27, local minima of hoop stress fluctuations appear as the wall becomes
thermally thinner. These are clearly visible for c6, c7 and c8 cases. The stress fluctuation
minima in the stress profiles through-thickness are explained in Section 4.1 in Figs. 4.4 and
4.5. These appear as the wall temperatures tend to become monotonically increasing or
decreasing as they follow the fluid temperatures. To a lesser extent, this also occurs here as
selected 𝐵𝑖-𝐹𝑜 numbers yield thermally-thin wall. The minima from 3D and 1D results match
for c6 but 1D stress profiles are overpredicted at the outer surface. The minima no longer
match for c7 and c8 cases and the 1D profiles are clearly overpredicted. Note, however, that
absolute values of 1D fluctuations in c7 and c8 cases are actually very low (see surface stress
fluctuations in Fig. 5.25).
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Figure 5.28. Radial profiles of axial stress fluctuations normalized with the inner surface value. Results shown
for 3D and 1D analyses using fixed and free end pipe boundary conditions of selected cases defined in Fig. 5.20.

The 1D wall axial thermal stresses, defined in Eq. (3.41), assume free (𝜐̃=1) or fixed (𝜐̃= 𝜐)
axial BC. Figure 5.28 shows the implications of using one or the other pipe end condition by
comparing them to the 3D free pipe results. The normalized profiles of axial stress
fluctuations are shown for 4 different cases. From results in Fig. 5.28 one can see that for a
very thermally-thick wall (c1) both 1D profiles and the 3D profile are almost equivalent. In
this case, surface stress correlations are also shown to be very high in Fig. 5.24 for 1D and 3D
approaches. As the wall becomes thermally thinner, however, 1D axial stress fluctuations are
over predicted (too stiff BC) or under predicted using fixed or free boundary conditions
respectively, when compared to 3D axial stresses. Nevertheless, Fig. 5.28 shows that for a
very thermally-thin wall (c7) the 1D profile with free end BC and the 3D profile present the
same minimum level. The free end BC in 1D approaches however yields equi-biaxial surface
stresses by definition. On the other hand, as it has been shown in Fig. 5.14, the surface stress
correlation in 3D is 0.8. This therefore underlines that, for thermally-thin wall conditions, 1D
approaches cannot reproduce appropriately the 3D thermo-mechanical response.

Chapter 6
Thermal fatigue assessment of nuclear piping
The goal of the proposed assessment procedure outlined in this section is to predict the
uncertain fatigue life of a pipe exposed to the turbulent mixing of fluids from the uncertain
temperature histories of the fluid close to the pipe wall. To this end, the temperature histories
of the fluid and in the pipe wall are used to estimate the pipe surface stress histories. This is
then followed by a fatigue analysis using fatigue design curve. As explained in Section 2.2.4,
this allows eluding conservatively other sources of uncertainty in fatigue life predictions from
material, structural and load origins; the focus may thus be placed on the statistical uncertainty
of the mixing fluids’ temperature histories which inevitably arise due to the limited time of
expensive experiments and CFD simulations. The fatigue life predictions with the proposed
assessment, presented in the form of a simple to apply design rules, are also compared with
the SIN-method (Section 4.1) and to those obtained when the fluid temperature histories
follow Gaussian distributions, as given by typical spectral approach.
In the following we therefore assume that the overriding contributor to the uncertainty of
the fatigue life is the variability inherent in the temperature histories of the mixing fluids.
Evaluation and interpretation of the influence that the uncertainties in the input data have on
the uncertainties in the result (fatigue life) is carried out within the temperature variation
space in Fig. 3.5. This is moreover enhanced by the use of as simple as reasonable model. The
experience from 3D simulations performed in Chapter 5 and in the literature [36, 114] clearly
shows that the stress fluctuations fields in the thermally fatigued pipes, away from any
material, geometrical or structural discontinuities, are nearly perfectly equi-biaxial. This
facilitates the use of more affordable 1D models of the pipe with numerically resolved timedependent temperatures and analytical expressions for the linear elastic wall thermal stresses
varying only in the radial direction. The fatigue lives are then predicted for diverse variations
in fluid temperatures following the codified design rules with rainflow counting algorithm,
linear damage accumulation and design fatigue curve, as described in Section 3.4.
The following assessment procedure could be straightforwardly extended to other fatigue
design rules and, with the use of finite elements to possibly nonlinear behavior and
discontinuous shapes of the pipes. The attention is therefore put on the impact of time-length
and statistics of the fluid temperature histories on the estimated life times. In this way the
proposed thermal fatigue assessment of pipes could facilitate further development of currently
very scarce and simple design rules for thermal fatigue.
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6.1 Case study
To illustrate the proposed procedure, the typical temperature-independent material and
physical properties of austenitic stainless steel piping with dimensions consistent with the
Civaux pipe [5] are considered in the numerical calculations. These include thermal
conductivity 𝑘w =14.7 W/mK, specific heat 𝑐𝑝 w =480 J/kgK, density 𝜌w =7800 kg/m3, thermal

expansion coefficient 𝛼=16.4x10-6 K-1, Young's modulus 𝐸=177 GPa, Poisson's ratio 𝜐=0.3
and the pipe with inner radius 𝑟i =0.127 m and outer radius 𝑟o =0.1363 m.
A primary water leakage occurred in one of the Civaux NPP safety systems where fluids
with a temperature difference of ∆𝑇=160°C mixed in a T-junction for about 1,500 hours. The
conditions for the initiation of the Civaux leakage have been largely studied in the literature
[5, 57, 70] but so far there has been limited success in reliably predicting such fatigue events.
Although the described fatigue assessment in Section 3.4 aims at predicting time to fatigue
damage initiation, which is generally shorter than the time to leakage in the Civaux plant, this
was selected for simplistic comparison with the results of the proposed fatigue assessment.
Figure 6.1 shows some examples of fluid temperature histories obtained at selected
locations within the temperature variation space defined in Fig. 3.5. These are indicated as
points A-H in the top part of Fig. 6.1. All normalized fluid temperature histories with length
𝜏=81.9 s have been generated according to approach described in Section 3.1.1, using
𝐾=4096, Δ𝑡=0.02 s and 𝑓0 =1 Hz with the minimization process parameters, 𝜙=2 and 𝜀𝑇 =10-7,
maintained for all the temperature histories generated in this chapter. Figure 6.1 also includes
the inner surface temperatures of the pipe wall that result from the heat transfer analyses of
the insulated pipe wall employing the recommended heat transfer coefficient
ℎ=15,000 W/m2K (Section 3.2). It can be seen that the surface temperatures fluctuate around
the fluid mean temperature and that these also tend to follow the fluid temperatures, however,
with a clear attenuation and delay due to heat transfer effects. All temperature histories are
illustrated also with the histograms of the fluid and surface temperatures and the normalized
equi-biaxial stress at the surface (Eq. (3.43) and (3.44)).
Points A to F in Fig. 6.1, distributed horizontally with fluid temperature fluctuation of
illustrate the influence of the normalized mean temperature 〈𝑇̃f 〉 on the resulting
temperature distributions. The fluid and surface temperature distributions become highly nonsymmetric as the points approach the Max_01 curve. Recall that the limit defined by the
Max_01 curve (Eq. (3.16) in Fig. 3.5) essentially requires that the normalized temperature
history jumps exactly between 0 and 1. On the other hand, points E to H, distributed vertically
with 〈𝑇̃f 〉=0.5, share very symmetric temperature distributions. At low 𝑇̃frms values, e.g. point
E, the probability of reaching the limiting temperature values is practically 0 and the
distribution of fluid temperatures tends to be Gaussian by construction. The distributions of
fluid and surface temperatures become wider as 𝑇̃frms increases and soon the limiting fluid
temperatures start acting as a physical wall. A nearly uniform distribution of fluid
temperatures is obtained at point G and the fluid temperatures oscillate mainly between the
two limiting values at point H.
𝑇̃frms =0.2,
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Figure 6.1. Examples of typical fluid temperature histories at selected locations within the temperature variation
space, the resultant surface temperatures from the heat transfer analyses and the distributions of fluid and surface
temperatures and surface stresses.

The physical limits of fluid temperatures coupled with the heat transfer phenomena
specially affect the surface temperature distributions at high 𝑇̃frms values. For the point H,
where the limiting temperatures are frequently visited by the fluid, the heat transfer process
changes the distributions of surface temperatures and stresses in such a way that their extreme
values are of low probability. In Fig. 6.1 it can also be seen that the stresses oscillate around 0
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following very closely the surface temperature fluctuations and, hence, sharing similar
profiles of distributions.
It is worth recalling that the generated fluid temperatures cannot oscillate with 0 and 1
values only (i.e. placed on the Max_01 curve) due to the constraint by the imposed PSD.
Temperature variations which do satisfy the PSD are limited to a slightly smaller space,
approximately bounded by the numerically derived curve Max_PSD (Fig. 3.5). Moreover,
Fig. 6.1 also shows only half of the temperature variation space (〈𝑇̃f 〉≤0.5). Temperature
histories representative of the other half (〈𝑇̃f 〉>0.5) present temperature distributions
symmetric around 𝑇̃=0.5 and stress distributions symmetric around 𝜎̃=0 to those shown in
Fig. 6.1. The temperature variation space for 〈𝑇̃f 〉≤0.5 is therefore equivalent to 〈𝑇̃f 〉>0.5 from
the fatigue design following the ASME code [82] (see Section 3.4 and Appendix B). Note that
fatigue cracks are known to initiate and grow also under compressive stresses [131] which
may reasonably explain the need to conservatively account for both tensile and compressive
stress amplitudes already at the design stage.

Figure 6.2. Examples of typical fluid temperature histories at selected locations on the Max_PSD curve of the
temperature variation space, the resultant surface temperatures from the heat transfer analyses and the
distributions of fluid and surface temperatures and surface stresses.

The temperature histories generated for 〈𝑇̃f 〉 and 𝑇̃frms values at points A-H in Fig. 6.1 are
used next in the fatigue assessment to study the effect of the wide variety of physically
admissible temperature histories on the fatigue life. For completeness, it is also worth showing
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the temperature histories at selected locations on the Max_PSD curve (Fig. 3.5), given in
Fig. 6.2. Recall that the point A in Fig. 6.1 is also located on the Max_PSD curve. The
resulting surface temperature and stress histories in Fig. 6.2 are clearly non-symmetric and
characterized by the highest level of temperature fluctuations for a given 〈𝑇̃f 〉 and the imposed
PSD. Note the bimodal stress distributions that arise for the higher levels of fluctuations, i.e.
points K and L in Fig. 6.2 and point H in Fig. 6.1.

6.2 Influence of temperature variability on fatigue life prediction
A fatigue assessment of piping is performed with the temperature histories characteristic of
the points A-H in Fig. 6.1 and assuming a temperature difference between the mixing fluids of
∆𝑇=160°C, consistent with the Civaux case. For each point, 15 random temperature history
samples of length 𝜏=81.9 s with the same 〈𝑇̃f 〉, 𝑇̃frms , PSD and ∆𝑇 are employed in the
assessment. Note that different samples correspond to different sets of optimal phases 𝜑𝑗 in
Eq. (3.6) obtained from the minimization of Eq. (3.13). Also for each point, the distribution of
15 values is represented using a boxplot where the lower, middle and upper limits of the boxes
give, respectively, the first (Q1), second (median) and third (Q3) quartiles of the distribution
while the bars extend from Q1 and Q3 to the minimum and maximum values, respectively.

Figure 6.3. Distribution of fatigue lives, depicted by boxes and bars, predicted for temperature histories of
selected points in Fig. 6.1 with time-length 𝜏=81.9 s and assuming a fluid temperature difference of ∆𝑇 =160°C.
15 samples of temperature histories are employed for each point. a) Influence of 𝑇̃frms for points E to H with
〈𝑇̃f 〉=0.5 and b) influence of 〈𝑇̃f 〉 for points A to F with 𝑇̃frms =0.2. The horizontal line at ~60 days represents the
time of leakage initiation in the Civaux plant [5], predicted for fluid temperature fluctuation levels of about 0.2.
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The results of the assessment presented in Fig. 6.3 confirm the dominant influence of 𝑇̃frms
on the predicted fatigue lives, which may extend through a few orders of magnitude (points E
and H in Fig. 6.3a). The much lower, although still significant, influence of 〈𝑇̃f 〉 is seen mainly
through the variable symmetries of the temperature history distributions. The fatigue lives
predicted for temperature histories with highly skewed distributions (see point A in Figs. 6.1
and 6.3b) are by a factor 2 shorter than for more symmetric temperature histories (e.g., point F
in Figs. 6.1 and 6.3b).
Figure 6.3a also indicates that the region 0.1 < 𝑇̃frms < 0.2 appears to be critical since in
point E the fatigue lives are rather high and predicted with big scatter while in point F the
expected fatigue lives become considerably lower (less than a year for routine inspections)
and they are predicted with small scatter. Moreover, fatigue lives such as in the Civaux case
(~60 days) are predicted for 𝑇̃frms ≈0.2 (see Fig. 6.3a). This level of fluid temperature

fluctuations (𝑇frms ≈0.2*160=32°C) is consistent with numerical simulations of the fluid
mixing circumstances in the Civaux plant [5, 57]. By employing temperature histories of
𝜏=81.9 s the 60 days could be predicted for the fluid conditions of points B to F in Fig. 6.3b.
The 60 days are however more likely to be estimated (between the median and Q3) with the
error margin of about ±20 and ±10 days in points B and F, respectively. Note that for longer
time histories the uncertainties get reduced as it is discussed next.

6.3 Influence of signal length on fatigue life prediction
The assumed overriding contributor to the uncertainty of the fatigue life, i.e. the variability
inherent in the temperature histories of the mixing fluids, intrinsically depends on the length
of temperature histories considered in the assessment.

Figure 6.4. Influence of sample time-length, 𝜏, of fluid temperature histories on the distributions of predicted
fatigue lives, depicted by boxes and bars. 15 samples of fluid temperature histories with (〈𝑇̃f 〉, 𝑇̃frms )=(0.5,0.2)
and ∆𝑇=160°C are employed for each time-length. Note log-2 scale in the horizontal axis.

Figure 6.4 shows the influence of the sample time history length, 𝜏, on the fatigue life
predictions for temperature histories generated assuming the fluid conditions of point F in
Fig. 6.3, i.e. (〈𝑇̃f 〉, 𝑇̃frms )=(0.5,0.2) and ∆𝑇=160°C. 15 different samples of fluid temperatures
are used for each time-length considered and the results, in each case, are presented through
the distribution of fatigue lives (as in Fig. 6.3) and the computed average fatigue lives, 〈𝐹𝐿〉
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Eq. (3.58), with their confidence interval, Eq. (3.60). The behavior of the predictions clearly
indicates that their average values saturate and their scatter gets reduced with increasing 𝜏.
The average value saturates in the lower range of predictions obtained with short length
histories. This could be explained by the fact that the high stress amplitude events in the short
length histories that induce short life predictions also have to be present, statistically, in the
long length histories.

Figure 6.5. Behavior of the average fatigue life predictions and their uncertainties as a function of time-length, 𝜏,
for the same fluid conditions as in Fig. 6.4 and different ∆𝑇.

The average fatigue life predictions, Eq. (3.58), and their uncertainties, Eq. (3.61), as a
function of 𝜏 are summarized in Fig. 6.5 for the same fluid conditions as in Fig. 6.4 and for
different ∆𝑇. Results indicate that average fatigue lives predicted at high ∆𝑇s actually saturate
rather fast for increasing time-lengths, 𝜏. Once this occurs, the uncertainties prove to decrease
proportionally to 1⁄√𝜏, which is expected when the relevant events in a signal are
uncorrelated in time. Note that lower fluctuation levels than 𝑇̃frms =0.2 (as for the case with
low ∆𝑇) would require longer 𝜏 to reduce the uncertainties. The case with ∆𝑇=100°C in
Fig. 6.5 is especially illustrative because at short lengths of sample time history the level of
fluctuations (𝑇̃frms =0.2) does not seem to be fatigue relevant. On the other hand, the longest
time-length predicts a finite fatigue life with considerably reduced uncertainties. The
predicted fatigue life in this case, however, appears to stabilize at values where the fatigue
could be safely detected under routine inspections.
The high uncertainties in the predictions with short temperature histories come from the
fact that these may or may not contain the, possibly random in time, high stress amplitude
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events. The results in Figs. 6.4 and 6.5 indicate that these events are generally low probability
events. This can also be deduced from the detailed study of the rainflow counting results
given in Fig. 6.6. These are obtained in the fatigue analysis with a fluid temperature history of
the same characteristics, i.e. (〈𝑇̃f 〉, 𝑇̃frms )=(0.5,0.2), with ∆𝑇=160°C and 𝜏=1310.7 s.

Figure 6.6. Rainflow counting results obtained in the fatigue analysis with a temperature history following
(〈𝑇̃f 〉, 𝑇̃frms )=(0.5,0.2), ∆𝑇=160°C and time-length 𝜏=1310.7 s. Top row: results based on the stress amplitude
levels. Bottom row: results based on the period content of the stress amplitudes given by rainflow. The
endurance limit (𝑆𝑒 =93.7MPa) is given by the design fatigue curve (NUREG proposal [80]).

The rainflow counting results based on stress amplitudes (top row in Fig. 6.6) show that
only a 3% of them are actually above the endurance limit (𝑆𝑒 =93.7 MPa) provided by the
NUREG design fatigue curve in Fig. 2.4. The distribution of the amplitudes above endurance
(𝑆𝑎𝑙𝑡 ≥𝑆𝑒 ) shows that higher ones occur with lower probability. The distribution of the
accumulated damage, Eq. (3.55), induced by the amplitudes in each box indicates that the
highest damage is delivered by the intermediate levels of stress amplitudes 𝑆𝑎𝑙𝑡 ≈130 MPa.
Another way to look at the results is based on the period (reversal time-length) content of
the stress amplitudes provided by the rainflow counting. This is shown in the bottom row of
Fig. 6.6 where it can be seen that higher stress amplitudes distribute, generally, over longer
periods. The distribution of the amplitudes above endurance (𝑆𝑎𝑙𝑡 ≥𝑆𝑒 ) shows that their period
content extents from approximately 0.4 to 103 s and that the majority of them are located in
the 1 to 10 s region. On the other hand, the distribution of accumulated damage, Eq. (3.55),
induced by the amplitudes in each box gets redistributed towards longer periods (above 100 s)
because these contain higher amplitude levels. The highest damage is produced by periods of
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about 10 s. It is worth to emphasize that temperature histories in the order of 10 seconds lose
an important part of the high amplitude events above the endurance which are otherwise
necessary for statistically reliable results.
Finally, it has to be noted at this point that most advanced deterministic numerical
simulations of turbulent fluid mixing typically deliver signals up to a minute or less in real
time-length. If these signals are assumed to have approximately the same uncertainties than
the presented ones of the same length, the simulated time may be insufficient for accurate life
time predictions for certain fluid conditions. As shown in Fig. 6.5, short temperature histories
may nevertheless accurately predict fatigue lives for high temperature differences and high
levels of fluid temperature fluctuations, as it is further discussed next.

6.4 Fatigue life in the temperature variation space
The fatigue assessment is performed for the entire temperature variation space presented in
Figs. 3.5, 6.1 and 6.2. The space has been divided with 0.02°C increments for the 〈𝑇̃f 〉 and
𝑇̃frms levels and 15 samples of time-length 𝜏=81.9 s are employed in the predictions for each
point in the space. The average fatigue lives, Eq. (3.58), and their uncertainties, Eq. (3.61), are
shown in Fig. 6.7 for ∆𝑇=160°C.

Figure 6.7. a) Average fatigue lives and b) uncertainties of the predictions in the entire temperature variation
space.

The contour levels in Fig. 6.7 moreover emphasize the results presented in previous
sections, i.e. that averages and uncertainties are correlated at fixed time-length 𝜏, to some
extent, since lower fatigue lives are predicted with low level of uncertainties and vice versa.
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It can be observed that for 𝑇̃frms ≈0.15 fatigue lives of about 1000 days are predicted with high
uncertainty (e.g. ≈1) but at 𝑇̃frms ≈0.3 fatigue lives of about 10 days are predicted with rather
low uncertainty (e.g. <0.1). Furthermore, these results clearly show that the effect of
temperature distribution symmetry on the predicted fatigue lives is very small compared to
that from the fluctuation levels. Note that this result is a direct consequence of the selected
fatigue assessment procedure where the fatigue life prediction is insensitive to the stress ratio
𝑅 = 𝜎min ⁄𝜎max and, in practice, dictated only by the stress amplitudes.

6.5 Comparison of thermal fatigue assessment methods
In this section the results of the fatigue assessment are summarized for the space points in the
vertical line 〈𝑇̃f 〉=0.5 for different levels of temperature fluctuations and ∆𝑇. The results,
obtained with 15 symmetric (see Fig. 6.1, 〈𝑇̃f 〉=0.5) fluid temperature history samples of timelength 𝜏=81.9 s, are compared in Figs. 6.8a and 6.9, respectively, with the also symmetric
SIN-method [4, 106] and traditional spectral loading approach which yields Gaussian
distributed fluid temperature histories [107, 112].

Figure 6.8. a) Comparison of the results from the proposed fatigue assessment (fluid temperature histories with
〈𝑇̃f 〉=0.5) and the SIN-method as a function of the fluid temperature difference ∆𝑇. b) Uncertainties of the
predictions with the proposed assessment.

The typical representation for the SIN-method as a function of the fluid temperature
difference ∆𝑇 is used for the comparison in Fig. 6.8 where the average fatigue lives from the
new approach (full lines in Fig. 6.8a) are shown for different levels of fluid temperature
fluctuations. Note that the SIN-method yields a unique assessment curve (dashed line in

6.5 Comparison of thermal fatigue assessment methods

99

Fig. 6.8a) that represents the shortest (critical) fatigue lives at the critical frequency given the
∆𝑇, as described in Section 4.1 (Fig. 4.7 and 4.8). This curve is clearly over-conservative and
located clearly below the new predictions for 𝑇̃frms =1⁄2√2 (equivalent to a sinusoidal signal)
which further highlights the difference between searching for the critical frequency in the
SIN-method and multi-frequency temperature histories employed in the new assessment. It
can also be seen in Fig. 6.8a that for ∆𝑇=160°C differences in predictions up to 2 orders of
magnitude can be expected between the methods for typical 𝑇̃frms of experimental data (see
Fig. 3.5). This moreover underlines the high conservatism in the SIN-method described in
Section 4.1, which predicts a fatigue life of about 3 days for the Civaux case.
One important observation regarding the proposed assessment results in Fig. 6.8a is that
∆𝑇 and 𝑇̃frms , both as independent parameters, have an important influence in the predicted
fatigue lives. It can be observed that fatigue life of about 100 days is predicted for a wide
range of temperature fluctuations and ∆𝑇, e.g. 𝑇̃frms =0.14 and ∆𝑇=200°C and also for
𝑇̃frms =0.4 and ∆𝑇=100°C. As expected, shorter fatigue lives are obtained for higher ∆𝑇 and
𝑇̃frms levels. The uncertainties of these predictions are given in Fig. 6.8b for 𝜏=81.9 s
indicating again that longer fatigue lives are obtained with higher level of uncertainties.
Figures 6.8a and b show that, at fixed ∆𝑇, the predicted fatigue lives and their level of
uncertainties decrease very quickly as the level of temperature fluctuations increases. As it
was shown in Section 6.3 (see Figs. 6.4 and 6.5) the average fatigue lives given in Fig. 6.8a
are not expected to be significantly influenced but the uncertainties in their predictions get
reduced for longer time-length, 𝜏, of the fluid temperature histories used in the assessment.
Note that the proposed fatigue assessment results in Fig. 6.8 may be used as simple fatigue
design rules for piping together with the fields of fluid temperature fluctuations near the pipe
surface obtained either in experiments or computational simulations of mixing fluids. The
fatigue life of the surrounding piping could be quickly estimated by employing the maximum
fluctuation level obtained in the experiment or simulation for given ∆𝑇. Nevertheless, it
should be recalled that for a given temperature fluctuation level and ∆𝑇 a shorter fatigue life
may be expected when temperature histories present very skewed distributions, e.g. by factor
2 as shown in Fig. 6.3b.
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Figure 6.9. Comparison of the results from the proposed fatigue assessment (fluid temperature histories with
〈𝑇̃f 〉=0.5, full lines) and traditional spectral loading approach which yields Gaussian distributed fluid
temperatures (dashed lines). The comparison is based on the normalized (𝑇̃frms ) and absolute (𝑇frms = 𝑇̃frms ∙ ∆𝑇,
see inset) fluctuation levels.

The comparison with “Gaussian” spectral loading approach in Fig. 6.9 is presented as a
function of the normalized fluid temperature fluctuation levels and the results are given for
selected ∆𝑇. The fluid temperature histories in the Gaussian approach have been generated as
described in Section 3.1.1 with uniformly distributed phases 𝜑𝑗 ∈ 𝒰(0,2𝜋) in Eq. (3.6) and
the average fatigue lives have been obtained, also in this case, using 15 temperature history
samples.
Figure 6.9 shows that fatigue lives predicted with traditional spectral loading approach
(dashed lines in Fig. 6.9) are also shorter than the proposed assessment (full lines in Fig. 6.9).
The former become the lower envelope to the new results for low 𝑇̃frms levels, as can be seen
in Fig. 6.9 for the high values of ∆𝑇 considered. As soon as the new fluid temperature
histories, generated with optimal set of phases, loose the Gaussian distribution due to the
existence of the limiting fluid temperatures the proposed assessment yields longer fatigue
lives. For the fluid conditions where the proposed assessment matches the Civaux conditions,
i.e. ∆𝑇=160°C and 𝑇̃frms =0.2, the Gaussian approach yields a fatigue life of about 40 days.
For low values of ∆𝑇 the differences in predictions between the two methods are higher and
about 1 order of magnitude can be expected for ∆𝑇=100°C. Moreover, note the inset of
Fig. 6.9 where the same results are plotted based on the absolute (𝑇frms = 𝑇̃frms ∆𝑇) fluid
temperature fluctuation levels. The results of normally distributed temperature histories prove
to lie on a single curve. This could be expected because in this case 𝑇̃frms and ∆𝑇 are
dependent variables, thus only one is enough to characterize the Gaussian distribution (at a
fixed mean).
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6.6 Influence of initial transient on fatigue life predictions
This section aims at analyzing the influence of the initial thermo-mechanical transient of the
pipe wall around the mixing fluids on fatigue life predictions.
The fluid with (〈𝑇̃f 〉, 𝑇̃frms )=(0.5,0.2) may be assumed to fluctuate from the initial
𝑇fhot =180°C with a ∆𝑇=160°C and the pipe wall is initially also at 𝑇fhot . In Fig. 6.10a it can be
observed that the surface temperature fluctuations follow, in average, a similar thermal
transient that would occur with a fluid of constant temperature equal to the random fluid’s
mean temperature, i.e. 100°C. Note that this result assumes the same heat transfer coefficient
ℎ=15,000 W/m2K in both cases. In a similar way, the surface stresses also fluctuate around
that arising from a surface temperature change with a constant fluid temperature, see
Fig. 6.10b. At about 60 seconds, the surface stresses are shown to fluctuate around 0 after the
pipe wall thickness reaches the thermal equilibrium with the fluid.
This initial thermal transient, which provides considerably high initial stress amplitudes,
has an influence on the predicted fatigue life of the pipe. This is shown in Fig. 6.11 where the
results are presented as in Fig. 6.4, i.e. through the distribution of the 15 fatigue lives with the
boxes, the computed average fatigue lives, 〈𝐹𝐿〉 Eq. (3.58), and their confidence interval,
Eq. (3.60). The results are given assuming different time-lengths of fluid temperature
histories.

Figure 6.10. (a) Pipe surface temperatures and (b) stresses during the initial thermal transient for random-like
fluid temperatures compared to a fluid with constant temperature.
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Figure 6.11. Effect of initial temperature of the pipe on the distributions of predicted fatigue lives, depicted by
boxes and bars. The fluid temperatures with (〈𝑇̃f 〉, 𝑇̃frms )=(0.5,0.2) oscillate between 𝑇cold
=20°C and 𝑇hot
f
f =180°C.
The initially high values of stress amplitudes yields conservative fatigue life predictions.

The results in Fig. 6.11 clearly show that the initial transient yields conservative lives in
the predictions. For long enough temperature histories (≈1300s), compared to the time-length
of the transient (≈60s), the effect of the initial stress amplitudes on the predicted fatigue life
vanishes. Therefore, if a long transient is not fully considered during the fatigue assessment, a
factor 2 on the average fatigue life can be expected (comparing short 𝜏 in Figs. 6.4 and 6.11).
Nevertheless, these results again emphasize the outcome from Fig. 6.4 showing that the
scatter in the predictions clearly decreases for increasing time-lengths of the temperature
histories. Note the initial tensile stress amplitudes in Fig. 6.10b with the pipe wall initially at
𝑇fhot . If the initial temperature of the pipe wall is at 𝑇fcold, compressive stress amplitudes can
be expected. Recall, however, that approximately the same fatigue lives are predicted in both
cases following the ASME code.

6.7 Heat transfer coefficient effect on fatigue life predictions
In this section, the influence of heat transfer coefficient (ℎ in Eq. (3.25)) on the fatigue life
predictions is studied through a sensitivity analysis. This is already introduced in Chapter 4
where two heat transfer coefficients are used as examples, i.e. 15,000 W/m 2K (as proposed in
the literature and used in the rest of this dissertation) and 5,000 W/m2K (as identified by the
SIN-method to match the Civaux leakage initiation time).
An estimation of the non-dimensional Reynolds, Prandtl and Nusselt numbers with the
Civaux conditions (see Section 3.2) gives 𝑅𝑒≈3.7x106, 𝑃𝑟≈1.16, 𝑁𝑢≈4,400 and a heat transfer
coefficient ℎ≈12,000 W/m2K. A factor 2 on the Dittus-Boelter 𝑁𝑢 number, assumption used
in recent thermal fatigue assessments [70] derived from previous researches [37], therefore
yields approximately ℎ≈24,000 W/m2K. In recent studies, coupled CFD analyses with
conjugate heat transfer of fluid mixing in T-junctions have shown values of heat transfer
coefficient varying between 3,000 and 7,000 W/m2K [72]. In this case, the authors considered
the Vattenfall benchmark facility conditions. The fatigue life predictions obtained in previous
sections are therefore re-assessed for ℎ in the range of 5,000 to 25,000 W/m2K. All the results
are obtained by means of 15 fluid temperature history samples of time length 𝜏=1310.7 s.
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Figure 6.12. Influence of heat transfer coefficient on the distributions of predicted fatigue lives, depicted by
boxes and bars, for the fluid conditions (〈𝑇̃f 〉, 𝑇̃frms )=(0.5,0.2) and ∆𝑇=160°C, representative of Civaux case.

Figure 6.12 shows the distributions of the fatigue life predictions and computed average
lives as a function of the heat transfer coefficient for the fluid conditions
(〈𝑇̃f 〉, 𝑇̃frms )=(0.5,0.2) and ∆𝑇=160°C. Note that for a heat transfer coefficient of
15,000 W/m2K, the Civaux leakage time of 60 days is, again, obtained. An increase of ℎ up to
25,000 W/m2K reduces the estimated fatigue life to approximately 10 days. For
ℎ=10,000 W/m2K a fatigue life of 1 year is achieved and below 7,000 W/m2K the fatigue life
goes beyond operational times of nuclear power plants. These results therefore highlight the
relevance of the heat transfer coefficient on fatigue life estimates and the importance of future
research on conjugate heat transfer simulations.

Figure 6.13. Influence of fluid temperature difference and heat transfer coefficient on average fatigue life
predictions for the fluid conditions (〈𝑇̃f 〉, 𝑇̃frms )=(0.5,0.2).

The exercise is now extended to consider also the influence of fluid temperature difference
for the same fluid conditions (〈𝑇̃f 〉, 𝑇̃frms )=(0.5,0.2). The computed average fatigue lives,
given in Fig. 6.13, indicate that rather short fatigue lives (below 1 year) may be obtained for a
wide range of Δ𝑇, if ℎ is sufficiently high. Note that the level of fluid temperature fluctuations
considered here, 𝑇̃frms =0.2, is in the upper limit of experimental data, see Fig. 3.5. In this case,
and for the also rather high value of ℎ, e.g. 25,000 W/m2K, the temperature difference
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∆𝑇=80°C is obtained as a fatigue limiting value. Nevertheless, recall that this limit is below
80°C either when higher temperature fluctuations are present in the fluid mixing (Fig. 6.8) or
the SIN-method is used in the assessment (Fig. 4.8), in both cases with the moderate
ℎ=15,000 W/m2K.

Figure 6.14. Average fatigue life predictions for different fluid temperature fluctuation levels and heat transfer
coefficients considering 15 samples of temperature histories for each point with time length 𝜏=1310 s and fluids
temperature difference ∆𝑇=160°C.

The results above can be moreover emphasized by considering different levels of fluid
temperature fluctuations for the ∆𝑇=160°C (similarly to Fig. 6.7). The results shown in
Fig. 6.14 indicate that rather short fatigue lives can also be expected for the low ℎ values if
sufficiently high levels of fluid temperature fluctuations are present. Furthermore, the region
between the iso-life lines marking the 62.5 and 1000 days in Fig. 6.14 delimits the location of
a possible save design (yearly routine inspections) as a function of the fluctuation levels and
heat transfer coefficients. Note that the latter is treated here parametrically. However, one
could expect higher heat transfer in regions of highly fluctuating fluids. If certain correlation
between both could be found in the future (such as lower ℎ if low 𝑇̃frms ) this could definitely
improve the safety of piping. The results presented in Fig. 6.14 are the first attempt to relate
the fluid temperature fluctuation levels and heat transfer coefficients in the fatigue assessment
of piping.

Chapter 7
Conclusions
The turbulent mixing of fluids with different temperatures in T-junction components is a wellrecognized source of thermal fatigue in safety related piping of nuclear power plants. The
fluid temperature fluctuations at the fluid-wall interface, caused by the turbulent mixing,
induce stress fluctuations in the surrounding pipes, which may lead, in some circumstances, to
fatigue and subsequent leakage or even loss of structural integrity.
The multi-disciplinary approach employed in the thermal fatigue assessment of
components requires the acquisition of fluid temperatures, heat transfer and mechanical
analyses to evaluate the fatigue driving loads. The fatigue analyses are then needed to predict
the fatigue likelihood. The reproduction of the fluid and wall temperatures, as the source of
fatigue loading, is the key issue in the fatigue assessment of nuclear piping.
The complex and exceedingly time-consuming experiments and CFD simulations of
turbulently mixing fluids, with important limitations such as the incomplete spatial and
temporal data obtained for specific fluid configurations, provide only marginal support to
much needed statistical analyses of the uncertainties inherent to the fatigue phenomena.
Extrapolation of comparatively short fluid temperature histories to the expected fatigue life
time of months or years is inherently uncertain. The major goal of the dissertation has
therefore been to contribute to the prediction and understanding of the uncertainties involved
in the assessment of the safe life of pipes exposed to thermal fatigue due to the turbulently
mixing fluids.

7.1 General conclusions
The basic understanding of the assessment procedures and the setup of a well-defined
comparative framework of fatigue life predictions have been achieved through the application
of the synthetic SIN and the improved spectral methods. The analyses have nevertheless
underlined the well-known conservatism of the SIN-method due to the simplification of the
fluid temperature history to a sinusoidal with critical frequency. The analyses have moreover
shown that the rainflow counting method is able to identify the harmonics with higher
amplitudes out of the complex stress histories.
The analysis of the uncertainties in the estimated fatigue lives has involved the variable
time-length and statistics of the fluid temperature histories employed in the assessment. The
temperature histories, generated with the improved spectral loading approach, are of arbitrary
length and include all physically possible temperature fluctuations compatible with the given
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power spectral density, the difference of temperatures of the mixing fluids and the first two
statistical moments of the temperature fluctuations. The fatigue assessment assumes the 1D
model of the pipe which entails perfectly equi-biaxial surface stress-state. The fatigue lives
are then predicted for diverse variations in fluid temperatures following the codified design
rules with rainflow counting algorithm, linear damage accumulation and design fatigue curve.
The uncertainties due to finite lengths of fluid temperature histories as typically obtained
from the measurements or CFD simulations have been evaluated from the generated
temperature history samples for the same fluid conditions. These indicate that predicted
average fatigue lives for low fluctuation levels and low temperature differences require longer
temperature histories to achieve the same accuracy. High stress amplitude events are low
probability events which require relatively long time signals to be accounted appropriately in
the fatigue life evaluation. In this respect, time signals of typically a minute or less may be too
short for reliable fatigue life predictions. Nevertheless, the proposed approach can estimate
the needed length of the temperature signal given the accuracy of the fatigue life prediction.
The results of the fatigue assessment due to variable statistics of the fluid temperature
histories indicate that the level of normalized fluid temperature fluctuations, for given
temperature difference, is the strongest influencing factor to the predicted fatigue lives
following the ASME fatigue design code. Nevertheless, the temperature histories with highly
skewed distributions have also shown to develop higher stress amplitudes than symmetric
ones. For the Civaux plant conditions a 60 days fatigue life would require fluid temperature
fluctuation levels of about 𝑇̃frms ≈0.2 (𝑇frms ≈32°C) according to the proposed approach which
predicts an accuracy of approximately ±10 days with ≈80 s temperature histories. This level of
temperature fluctuations is actually rather high, but yet very plausible, when compared to
experimental results of fluid turbulent mixing from the literature and numerical results of the
fluid mixing circumstances in the Civaux T-junction.
The results of the proposed fatigue assessment have also been compared with those from
previously proposed thermal fatigue assessment methods. With respect to the SIN-method,
differences in the predictions up to 2 orders of magnitude can be expected for the same
temperature difference of the mixing fluids and typical levels of temperature fluctuations.
Differences of up to 1 order of magnitude in the predicted fatigue lives have been found with
respect to traditional spectral loading approach. For equivalent fluid conditions, the presented
life times are in all cases longer than those predicted by previous methods. This is the
consequence only of the more realistic, and therefore less conservative, fluid temperatures
generated with the improved spectral method as compared to previous methods.
The initial thermal transient of the pipe wall from the cold or hot fluid temperatures has
also been studied. This has been shown to provide considerably high initial stress amplitudes
and, therefore, shorter fatigue life predictions up to a factor of 2. For long enough temperature
histories, or transients, this effect vanishes and predicted lives tend to those without the
transient.
Also, a first attempt to relate the fluid temperature fluctuations and heat transfer coefficient
in the fatigue assessment of piping has emphasized the importance of this coefficient. Future
improvements on correlating the fluctuation levels and heat transfer coefficient would
definitely improve the fatigue life predictions with synthetic methods.

7.1 General conclusions
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To support the proposed thermal fatigue assessment and uncertainty analysis, the
evaluation of the differences in the thermo-mechanical response between 1D and 3D pipe wall
approaches has been performed. To this end, a selected case study from the literature has been
used to demonstrate the generation of temperature fields reproducing the near-wall conditions
during turbulent fluid mixing. The 2D, continuous and time-dependent temperature fields
reproduce the input statistics, from experimental readings or CFD simulations, at discrete
near-wall locations. The proposed approach for the generation of temperature fields
intrinsically provides the same input mean temperatures as well as the same input power
spectral density of the temperature fluctuations. The uncertainties in the fields are, moreover,
controlled to some extent by the given velocity and size distributions of the traveling hot and
cold spots along the pipe wall. It has been shown that the reproduced temperature fields
contain the large scale instabilities such as cold and hot spots traveling at flow velocities.
The reproduced temperature fields have been used as thermal boundary condition in the 3D
analyses of piping, including heat transfer and mechanical analyses. The results of the study
agree with previous observations in the literature. Namely, it has been demonstrated that in
the selected reference case study the surface stress fluctuations are almost linearly correlated
with the surface temperature fluctuations and that the surface axial and hoop stress
fluctuations, calculated on pipe cross sections away from system boundaries, are almost equibiaxial. In addition, new insights have been provided for the inner surface stress-state of a
pipe when applying more realistic mechanical boundary conditions. It has been shown that
when further piping installation is modeled around the studied pipe section a more realistic
deformation of the pipe is obtained with regions of nonzero mean stress values. At those
regions, such a stress state is no longer equi-biaxial and may favor crack initiation and
propagation.
Since the ASME code rules used in the proposed thermal fatigue assessment omit the mean
stresses, the sensitivity analyses using different heat transfer related parameters have been
performed to verify the persistence of nearly equi-biaxial stress states in the pipe surface. The
study also includes 1D analyses with equivalent temperature histories in order to compare
wall stress fluctuations evolving from 3D and 1D approaches. It has been demonstrated that
the equi-biaxiality of surface stress fluctuations also holds for a wide range of Fourier and
Biot numbers around the reference case. Within this range, the 1D approach yields very
similar results as the 3D one, although with a slight overprediction of the results. Roughly
10% higher stress fluctuations in 1D than in 3D pipe models have been found for the
reference case. Eventually, it has also been shown that the wall thermal thickness influences
the surface stress state: the thicker the wall, the more equi-biaxial the stress state. These
results therefore support the proposed fatigue assessment of pipes away from any material,
geometrical or structural discontinuities.
The assessment procedure presented in this dissertation could be straightforwardly
extended to other fatigue design rules and, with the use of finite elements to possibly
nonlinear behavior and discontinuous shapes of the pipes. In this way the proposed thermal
fatigue assessment of pipes could facilitate further development of currently very scarce and
simple design rules for thermal fatigue.
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7.2 Original contributions of the dissertation
The contributions of the dissertation are listed as follows:








The uncertainties in the fatigue life predictions of pipes from the variability and signal
time-length of temperature histories employed in the assessment have been evaluated
in the temperature variation space in turbulent fluid mixing conditions.
An improved spectral loading approach for the generation of fluid temperatures with
affordable computational costs has been proposed. The approach has been extensively
used in the analyses presented in the dissertation.
The differences in the thermo-mechanical response between 1D and 3D pipe wall
approaches under turbulent fluid mixing circumstances have been quantified and the
persistence of nearly equi-biaxial surface stress state have been verified.
A set of mechanical boundary conditions with low computational cost has been
developed in order to take into account the omitted parts of the installation in 3D
mechanical analyses of T-junctions.

7.3 Future work
The list below includes the possible future work that could follow the research presented in
this dissertation:











To perform the proposed thermal fatigue assessment following a damage tolerant
approach, i.e. fracture mechanics analyses of the 1D pipe model with stipulated
surface cracks for the complete temperature variation space.
The above work could also include the mean stresses through pipe wall, obtained in
the 3D thermo-mechanical analysis of the pipe for the fluid flow configuration, which
could influence the crack growth calculations.
The stress histories obtained for conditions within the temperature variation space and
the given PSD could be used in uniaxial/biaxial fatigue tests. These tests would
characterize fatigue behavior of structural materials under loading that closely
resemble the one in fluid mixing conditions, aiming at developing new fatigue curves.
Validation of the proposed fatigue assessment with temperature histories obtained in
CFD-LES simulations. This means, applying the fatigue assessment to temperature
histories from CFD-LES and those generated with the proposed approach of similar
statistics. In this way, the output statistics from future CFD-RANS simulations would
become immediately useful from the correlation of second moment fluid temperature
fluctuations and fatigue predictions obtained with the synthetic methods, without the
need of time-dependent temperatures from the more expensive CFD-LES.
Immediate future work can also be dedicated to reproduce temperature fields from
other fluid flow patterns (wall jet and impinging jet).
CFD analyses together with the synthetic method results within the temperature
variation space could allow developing dedicated experimental facilities of turbulent
fluid mixing to validate assessment procedures. The assessment validation through
experimental facilities requires as-low-as possible fatigue lives to minimize
experiments duration and costs.

7.3 Future work
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Accurate predictions of fluid-wall heat transfer through conjugate heat transfer
simulations to deliver appropriate heat transfer coefficients. Validation and
development of correlations.
Fracture mechanics based fatigue analyses of 3D piping with stipulated cracks using
the synthetic temperature fields. These may include welds and pipe diameter change.
Multi-scale analyses using FE simulations of poly-crystalline aggregates to evaluate
grain boundary stresses under thermal fatigue loadings obtained by synthetic methods.
Development of material constitutive models that could predict early crack initiation
and propagation (persistent slip bands) under thermal fatigue loading.
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Appendix A
Derivation of 1D finite difference equations
This appendix presents the heat transfer equations in the 1D pipe wall where the heat fluxes
are assumed to occur in the radial (through thickness) direction only. The equations are
derived in their explicit and finite difference form. These have been used extensively in the
thermal analyses of the 1D pipe wall presented throughout this dissertation, i.e. the application
examples in Chapter 4, the sensitivity analyses given in Section 5.4 and the fatigue assessment
in Chapter 6.

A.1 Derivation of 1D equations of heat transfer in pipes
The fluid with variable temperature in the proximity of the inner surface of the pipe leads to
heat transfer due to convection. The pipe is insulated on its outer surface. Thus, the 1D heat
equations in the pipe wall and the two boundary conditions are derived next.

A.1.1 Heat equation: diffusion
The time dependent and 1D (in radial direction) heat conduction equation for the pipe wall is
expressed in cylindrical coordinates as:
1 𝜕𝑇
𝜅w 𝜕𝑡

𝜕2 𝑇

1 𝜕𝑇

= 𝑟 𝜕𝑟 + 𝜕𝑟 2 .

(A.1)

Note the pipe wall temperature represented in this section for convenience as 𝑇w =𝑇. Material
properties such as thermal conductivity (𝑘w ), specific heat (𝑐𝑝 w ) and density (𝜌𝑤 ) are constant
with geometry and temperature. Thermal diffusivity is defined as 𝜅w =𝑘w ⁄𝑐𝑝 w 𝜌w . The finite
difference form of Eq. (A.1), using an explicit numeric scheme is:
𝑝+1

1 𝑇𝑚

𝜅w

𝑝

𝑝

𝑝

𝑝

𝑝

𝑝

− 𝑇𝑚
1 𝑇𝑚+1 − 𝑇𝑚−1 𝑇𝑚+1 + 𝑇𝑚−1 − 2𝑇𝑚
=
+
∆𝑡
𝑟𝑚
2∆𝑟
∆𝑟 2

(A.2)

which, with further rearrangement and simplification, becomes:
𝑝+1

𝑇𝑚

= 𝐹𝑜 (

2𝑟𝑚+∆𝑟
2𝑟𝑚

𝑝

) 𝑇𝑚+1 + 𝐹𝑜 (

2𝑟𝑚−∆𝑟
2𝑟𝑚

𝑝

𝑝

) 𝑇𝑚−1 + (1 − 2𝐹𝑜)𝑇𝑚 .

(A.3)

In the above equations, 𝑟𝑚 is the radial distance of a given node, ∆𝑟 is the radial increment
defined as (𝑟o − 𝑟i )⁄(𝑁𝑟 − 1), the subscripts 𝑚 denote the discretized radial location and
superscripts 𝑝 the discrete time. 𝑟o stands for the outer radius, 𝑟i the inner radius and 𝑁𝑟 the
number of radial nodes. The definition of the Fourier (𝐹𝑜) number in discrete form is [58]:
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𝐹𝑜 =

𝜅w ∆𝑡
∆𝑟 2

(A.4)

.

A.1.2 Boundary conditions at the pipe’s inner surface: convection
At the inner surface, 𝑟i , the pipe is in contact with the fluid at temperature 𝑇f leading to a heat
transfer due to convection. This will break the thermal equilibrium of the pipe wall generating
heat conduction with the next radial node. Figure A.1 shows the domain for the nodal energy
balance, Eq. (A.5). It can be seen the heat flow into the node (𝐸̇𝑖𝑛 ) represented by the
convection heat (𝑞𝑐𝑜𝑛𝑣 ) and conduction heat (𝑞𝑐𝑜𝑛𝑑 ), as well as the areas that divide the
material volume.
2

∆𝑟

qcond

1
A2

qconv
𝑇f
𝑟i
A1
A

Figure A.1. Domain discretization for the energy balance at the inner surface node. Convection heat (𝑞𝑐𝑜𝑛𝑣 ),
conduction heat (𝑞𝑐𝑜𝑛𝑑 ), areas that divide the material (solid) volume (A, A1, A2) and fluid temperature (𝑇f ). ∆𝑟 is
the radial increment.

The model energy balance gives:
𝐸̇𝑖𝑛 = 𝐸̇𝑠𝑡 ,
𝜕𝑇

𝑞𝑐𝑜𝑛𝑣 + 𝑞𝑐𝑜𝑛𝑑 = 𝑀𝑉 𝑐𝑝 w 𝜕𝑡 ,

(A.5)

(𝑇1𝑝+1 − 𝑇1𝑝 )
−
+
−
= 𝜌w 𝑐𝑝 w
∆𝑧𝐴
∆𝑟
∆𝑡
where 𝐸̇𝑠𝑡 accounts for changes in the thermal energy storage in the volume and 𝑀𝑉 is the
mass of pipe material in the volume. The different areas in Eq. (A.5) are defined as:
ℎ𝐴1 (𝑇f𝑝

𝑇1𝑝 )

𝑘w (𝑇2𝑝

𝐴2
𝑇1𝑝 )

𝐴1 = 2π𝑟i ∆𝑧,
𝐴2 = 2π (𝑟i +

∆𝑟

𝐴 = π (𝑟i +

) − π𝑟i 2 = π∆𝑟 (𝑟i +

2
∆𝑟 2
2

(A.6)

) ∆𝑧,
∆𝑟
4

).

Substituting Eqs. (A.6) in Eq. (A.5) and rearranging we obtain the expression for the
temperature at the inner surface node:
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𝑇1𝑝+1 =

8𝑟i 𝐵𝑖𝐹𝑜 𝑝
2𝑟i + ∆𝑟 𝑝
8𝑟i 𝐵𝑖𝐹𝑜
2𝑟i + ∆𝑟 𝑝
𝑇f + 4𝐹𝑜
𝑇2 + (1 −
− 4𝐹𝑜
)𝑇
4𝑟i + ∆𝑟
4𝑟i + ∆𝑟
4𝑟i + ∆𝑟
4𝑟i + ∆𝑟 1

(A.7)

where the definition of the Biot (𝐵𝑖) number in discrete form and the product of the Fourier
and Biot numbers are [58]:
𝐵𝑖 =

ℎ∆𝑟
𝑘

,
(A.8)

𝐵𝑖𝐹𝑜 = 𝜌

ℎ∆𝑡

w 𝑐𝑝 w ∆𝑟

respectively. The heat transfer coefficient (ℎ) can be directly imposed in the expression of the
𝐵𝑖 number given in Eqs. (A.8).

A.1.3 Boundary conditions at the pipe’s outer surface: insulation
Figure A.2 shows the domain for the insulated outer node.
m

∆𝑟

m-1

A

qcond
𝑟o

A1

Figure A.2. Domain discretization for the energy balance at the outer surface node. Conduction heat (𝑞𝑐𝑜𝑛𝑑 ) and
areas that divide the volume (A, A1). ∆𝑟 is the radial increment.

The node undergoes conduction heat (𝑞𝑐𝑜𝑛𝑑 ) with its previous neighboring radial node
leading to the energy balance:
𝐸̇𝑖𝑛 = 𝐸̇𝑠𝑡 ,
𝜕𝑇

(A.9)

𝑞𝑐𝑜𝑛𝑑 = 𝑀𝑉 𝑐𝑝 w 𝜕𝑡 ,
𝐴

𝑝
𝑘w (𝑇𝑚−1
− 𝑇𝑚𝑝 ) ∆𝑟1 = 𝜌w 𝑐𝑝 w

𝑝+1

(𝑇𝑚

𝑝

−𝑇𝑚 )

∆𝑡

∆𝑧𝐴.

The areas in Eqs. (A.9) are now defined as:
𝐴1 = 2π (𝑟o −

∆𝑟
2

) ∆𝑧,

𝐴 = π𝑟o 2 − π (𝑟o −

(A.10)
∆𝑟 2

∆𝑟

2

4

) = π∆𝑟 (𝑟o −

).
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Substituting Eqs. (A.10) in Eq. (A.9) and rearranging we obtain the expression for the
temperature at the outer surface node (𝑚=𝑁𝑟, number of nodes in radial direction).
𝑝+1

𝑇𝑚

= 4𝐹𝑜

2𝑟o − ∆𝑟 𝑝
2𝑟o − ∆𝑟 𝑝
𝑇𝑚−1 + (1 − 4𝐹𝑜
)𝑇
4𝑟o − ∆𝑟
4𝑟o − ∆𝑟 𝑚

(A.11)

where the Fourier number is given by Eq. (A.4).

A.1.4 Stability criteria for time increment
A usual stability criteria that ensures the numerical stability of the simulation requires the
selection of ∆𝑡 such that the expressions multiplying the 𝑇𝑚𝑝 term in Eqs. (A.3), (A.7) and
(A.11) must be positive [58]. This is:
(1 − 2𝐹𝑜) ≥ 0,
(1 −

8𝑟i 𝐵𝑖𝐹𝑜
4𝑟i +∆𝑟

2𝑟 +∆𝑟

− 4𝐹𝑜 4𝑟i +∆𝑟) ≥ 0,

(A.12)

i

2𝑟 −∆𝑟

(1 − 4𝐹𝑜 4𝑟o −∆𝑟) ≥ 0.
o

The largest ∆𝑡 for the conditions to be satisfied is obtained from the expression of the Fourier
number, Eq. (A.4). Thus, the largest time increment usually depends on the number of radial
nodes (𝑁𝑟), material properties and local heat transfer coefficient. However, when the
required ∆𝑡 by the stability criteria is smaller than the one between successive fluid
temperature readings available, a linear behavior of fluid temperatures is assumed between
history data points. The Gauss-Seidel iteration procedure has been used to calculate
successive wall temperature fields of the pipe wall from the temperature field in a previous
time step [58].

Appendix B
The ASME code rules for fatigue design
The ASME Boiler and Pressure Vessel Code [82] provides a set of rules for design,
fabrication and inspection of boilers and pressure vessels. The specific rules for the
construction of nuclear facility components can be found, since 1963, in its section III. The
division 1 of this section deals with metallic components. Among metallic components are the
class 1, known as the fluid-retaining pressure boundary of the reactor coolant system, such as
the reactor pressure vessel, steam generators, pressurizer, reactor coolant pumps and piping,
line valves and safety valves. The design by analysis of nuclear components can be found in
chapter NB-3200 of the ASME code, where the stress and cyclic loading (fatigue) analyses
are described.
The stresses of thermal origin arising due to local temperature changes in structures, i.e.
thermal stresses, should be taken into account in the design following the ASME code rules.
Together with other time-dependent stresses, the total loading acting on the structure is
considered in the fatigue analyses. After the identification of loading cycles, the fatigue
analyses follow the procedure of damage evaluation defined in Section 3.4. However, the
ASME code does not contain specific rules for random-like loading such as the one arising
due to structural temperature changes induced by the turbulent mixing of fluids at different
temperatures. The design rules by the ASME code include the use of fatigue design curves,
the derivation of which accounts, conservatively, for parameters such as mean stress/strain of
the load history, specimen size, surface finish, the load history itself, material variability of
tests specimens and data scatter of the results for same load history [80] (Section 2.2.4.1).
Chapters NB of ASME code use the maximum shear stress theory (Tresca criterion [100])
to define the strength and failure of ductile metallic components. The two ASME procedures
described in the code section NB-3216 for fatigue design, constant and varying principal
stress directions, are employed to compare a multi-axial stress state with the uniaxial design
fatigue curve. In this section a comparison of the two ASME procedures is performed. The
multi-axial Mises criterion, which is based on the octahedral shear stress theory, is also
considered [100]. To this end, the proposed NUREG/CR-6909 design curve for austenitic
stainless steels in air [80], adopted by ASME since 2010 (Fig. 2.4), is employed with the aim
to evaluate the predicted fatigue lives for the equi-biaxial stress state. The aim of this section
is to show that multi-axility and non-proportionality of stresses are also taken into account in
the fatigue design following the ASME code rules through the constant and varying principal
stress direction procedures.
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B.1 Equi-biaxial stress state
In the fatigue analysis following the ASME Code rules, the principal stresses 𝜎1 >𝜎2 >𝜎3 ,
derived from the multi-axial stress state, are used to define the stress differences 𝑆𝑖𝑗 and the
alternating stress intensity 𝑆𝑎𝑙𝑡 , as described by Eqns. (3.52) and (3.53) in Section 3.3.3. This
procedure is the so-called constant principal stress direction of the ASME code. The code
section NB-3216 also describes the varying principal stress direction procedure where the
stress tensor at the time of the most severe loading conditions should be subtracted from the
stress tensor history (𝝈) to update the stress tensor history (𝝈′ ), the principal stresses
′
(𝜎1′ >𝜎2′ >𝜎3′ ), the stress differences (𝑆𝑖𝑗′ ) and finally also to update 𝑆𝑎𝑙𝑡
. Note that in this
section, the updated variables (following the varying principal stress direction procedure) are
marked as prime variables (𝑥 ′ ) for the sake of clarity.
To analyze the ASME procedures for fatigue assessment, it is here assumed an equi-biaxial
stress (plane stress) state, representative of surface thermal stresses in 1D pipes, where:
𝜎𝜃 (𝑡) = 𝜎𝑎 sin(2𝜋𝑓𝑡),

(B.1)

𝜎𝑧 (𝑡) = 𝜎𝑎 sin(2𝜋𝑓𝑡 + 𝜂)
are the time-dependent stress tensor normal components in the hoop and axial directions
respectively and the radial (𝜎𝑟 ) and shear components are equal to zero. The hoop and axial
stresses are assumed to fluctuate with amplitude 𝜎𝑎 =200 MPa and frequency 𝑓=1 Hz. The
phase shift 𝜂 is used to evaluate the effect of non-proportional stress histories in fatigue, for
constant and varying principal stress direction procedures and the octahedral shear stress
criterion. For the latter, the time-dependent equivalent Mises stress in the general form:
1
2
2
2 ))
𝜎𝑀 = √ ((𝜎𝑟 − 𝜎𝜃 )2 + (𝜎𝜃 − 𝜎𝑧 )2 + (𝜎𝑧 − 𝜎𝑟 )2 + 6(𝜎𝑟𝜃
+ 𝜎𝜃𝑧
+ 𝜎𝑧𝑟
2

(B.2)

may be defined from the principal stresses as:

1

𝜎𝑀 = √ ((𝜎1 − 𝜎2 )2 + (𝜎2 − 𝜎3 )2 + (𝜎3 − 𝜎1 )2 ).
2

(B.3)

The equivalent Mises stress amplitude during the loading time considered, 𝑆𝑀𝑎𝑙𝑡 is then used
to hit the NUREG design curve. With the updated stress tensor history used to define the
′
′
′
updated 𝑆𝑎𝑙𝑡
, also the updated equivalent Mises stress 𝜎𝑀
and its amplitude 𝑆𝑀𝑎𝑙𝑡
are defined
to be compared with the rest of procedures.

B.1 Equi-biaxial stress state
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Figure B.1. Stress amplitudes and resulting fatigue lives as a function of the phase shift 𝜂 between the two stress
′
components, following the ASME procedures for constant (𝑆𝑎𝑙𝑡 ) and varying (𝑆𝑎𝑙𝑡
) principal stress directions
′
and the Mises criteria with initial (𝑆𝑀𝑎𝑙𝑡 ) and updated stress (𝑆𝑀𝑎𝑙𝑡 ) histories.

Figure B.1 shows the resulting stress amplitudes and fatigue lives obtained with the two
ASME procedures and the original and updated Mises criteria, as a function of the phase shift
𝜂 between the two stress components. Note that results for 𝜂 ∈ [𝜋, 2𝜋] are symmetric around
𝜂= 𝜋⁄2 rad to those shown in Fig. B.1. The constant ASME and Mises criteria clearly yield
lower stress amplitudes and therefore higher fatigue lives than their respective updated
version of the criteria. Figure B.2 (a and b) shows the time history of the assumed stresses,
principal stresses and stress differences for the case of 𝜂= 𝜋 rad. It can be observed that the
Mises stress 𝜎𝑀 in Fig. B.2a is always positive, as expected by its definition, which results in
lower stress amplitudes. This is a well-known drawback during fatigue evaluations since the
stress histories using this criterion are not well represented. This occurs for negative stress
ratio 𝑅 = 𝜎min ⁄𝜎max < 0. It is interesting to observe that the Mises stress amplitude may
actually become zero, in this case, for a phase shift of about 1 rad (see Fig. B.1). In fact, the
principal stresses shown in Fig. B.2b indeed change the direction, e.g. 𝜎1 starts by following
the hoop direction and then changes to the axial direction. This is indicative that the ASME
varying principal stress direction procedure should be used.
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Figure B.2. Initial (a and b) and updated (c and d) time history of the assumed stresses, principal stresses and
stress differences for 𝜂=π rad.

Figure B.1 moreover shows the higher stress amplitudes and lower fatigue lives obtained
′
with the varying direction procedure. 𝑆𝑎𝑙𝑡
and its respective fatigue life, respectively, increase
and decrease with increasing phase shifts. The Mises criterion with the updated stress history
′
′
now yields somehow more appropriate amplitudes 𝑆𝑀𝑎𝑙𝑡
, which are slightly lower than 𝑆𝑎𝑙𝑡
for all phase shifts. As expected, ASME based on the maximum shear (Tresca) criterion
proves to be more conservative than the Mises criterion. The ASME varying procedure is
insensitive to phase shifts until 1 rad is reached (see Fig. B.1). The updated Mises amplitudes,
however, decrease until that phase. Then both criteria yield increasing stress amplitudes for
′
𝜂>1 rad. In the case of ASME varying procedure, 𝑆𝑎𝑙𝑡
doubles its value at 𝜂=0 rad for 𝜂= 𝜋
rad. This clearly shows that ASME procedure takes into account the well-known damaging
effect of non-proportional multi-axial stress histories. Finally, Fig. B.1 also shows that the
results of the criteria for the case of uniaxial and fully reversed stress histories are equivalent
to those for equi-biaxial with no phase shift, 𝜂=0 rad. In Fig. B.2 (c and d) the updated time
history of the assumed stresses, principal stresses and stress differences for the case of 𝜂= 𝜋
rad are given. In this case it is shown that the updated principal stresses retain their identity. It
is then clear that the ASME varying principal stress direction procedure is required for stress
states with negative stress ratio 𝑅 = 𝜎min ⁄𝜎max and phase shifts between principal stresses.
Because the stress tensor at the time of the most severe loading conditions has been subtracted
from the stress tensor history, the ASME varying principal stress direction procedure becomes
insensitive to the stress ratio 𝑅.

Appendix C
The rainflow cycle counting method
It is generally accepted that the fatigue assessment of components subjected to random-like
loadings requires a cycle counting method to obtain a set of stress reversals and the number of
counts from the equivalent stress history. As explained in Section 3.4, the damage induced by
individual stress reversals is estimated through the allowable number of cycles obtained from
the design fatigue curve for the stress reversals’ amplitudes. A damage accumulation rule is
then used to compute the total damage induced to the component for the assumed stress
history. There are several cycle counting methods in the literature [102, 103]. The most
commonly used elsewhere is the well-known rainflow counting method [98] which has been
shown to deliver satisfactory fatigue life predictions under complicated stress-strain
histories [104].
This section provides an explanatory example of the rainflow cycle counting method
application. A more detailed description of the rainflow counting algorithm can be found in
the ASTM E1049-85 “Standard practices for Cycle Counting in Fatigue Analysis” [102] and
references therein. The open source implementation of the algorithm written in the Matlab
code [132] by Nieslony [133] has been used for the fatigue assessment calculations in this
dissertation.
The first step in the rainflow cycle counting method is the identification of tensile peaks
and compressive valleys in the complex stress history. These are named with letters from A to
I in Fig. C.1. We can imagine that the stress history is a pagoda roof where water flows from
the identified peaks and valleys. For this purpose, it may be also useful to image that the stress
history is turned 90° clockwise so that the water can flow down the time line.
The rainflow counting procedure is performed first for the tensile peaks assuming that
water flows from each of them down the roof (towards the left side, red lines in Fig. C.1). The
water flow stops when:




It flows down a tensile peak of greater magnitude, half-cycle (1) in Fig. C.1.
It reaches the end of time history, half-cycle (2) in Fig. C.1.
It finds the water flow from an earlier tensile peak, half-cycle (3) in Fig. C.1.

Once this is done for all tensile peaks, the result is a list of half cycles and their ranges. We
then repeat the same procedure for the compressive valleys following the same rules (blue
lines in Fig. C.1). The results for the assumed stress history in Fig. C.1 are given in Table C.1.
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Figure C.1. Visual representation of the rainflow cycle counting method. Water is assumed to flow from the
tensile peaks (red lines) and from the compressive valleys (blue lines).
Table C.1. Results of half cycles obtained from the peaks and valleys in the stress history.

Half cycles from tensile peaks Half cycles from compressive valleys
Events
Range
Events
Range
BC
4
A-B
3
DG
9
C-D
8
F-E
4
E-F
4
H-I
6
G-H
8
The results of the rainflow cycle counting method are obtained by merging half cycles
from tensile and compressive origins of the same ranges into full cycles, Table C.2.
Table C.2. List of reversals as a result of the rainflow cycle counting method.

Range
9
8
6
4
3

Cycle counts
0.5
1.0
0.5
1.5
0.5

Events
D-G
C-G, G-H
H-I
BC, F-E-F
A-B

The final results of the rainflow counting method is the list of reversals, their stress
amplitudes (half range) and the number of cycle counts to be used in the fatigue assessment.

Appendix D
Razširjeni povzetek v slovenskem jeziku
D.1 Uvod
Toplotno utrujanje je časovno odvisen proces, ki lahko povzroča lokalne strukturne poškodbe
materialov. Je posledica cikličnih toplotnih obremenitev, na primer tistih, ki nastanejo pri
turbulentnem mešanju tekočin različnih temperatur v cevnem T-spoju [1]. V obstoječih
jedrskih elektrarnah (JE) so se zaradi toplotnega utrujanja že pojavile razpoke v ceveh iz
nerjavnega jekla. V kar nekaj primerih so se razpoke razširile skozi stene cevi, zaradi česar je
prišlo do puščanja reaktorskega hladila v zadrževalni hram [2, 3]. Te nezgode so pokazale, da
ima lahko toplotno utrujanje pomemben vpliv na strukturno celovitost komponent v JE in s
tem tudi na jedrsko varnost.
Praviloma naključne temperaturne fluktuacije v tekočini, ki nastanejo zaradi turbulentnega
mešanja, povzročajo temperaturne fluktuacije v okoliški steni cevi. Hitre temperaturne
spremembe na površini cevi povzročijo lokalne spremembe toplotnih raztezkov, ki pa so
omejeni z okoliškim materialom, ki ima drugačno temperaturo. Na ta način temperaturne
fluktuacije v tekočini povzročijo napetostne fluktuacije v cevi, ki lahko v določenih primerih
vodijo to utrujanja in posledično do puščanja tekočin [5] ali celo do porušitve cevi. Ta pojav
imenujemo tudi toplotno razslojevanje (ang. thermal striping).
Razumevanje in zanesljivo napovedovanje toplotnega utrujanja bo mogoče šele doseči in
sicer s povezovanjem različnih disciplin, kot so dinamika tekočin, prenos toplote, mehanika
materialov in znanosti o materialih [4].
Raziskovalci so kmalu spoznali, da lahko temperaturne fluktuacije v tekočini povzročijo
večosno napetostno stanje v bližini oz. na površini cevi. Rezultati tri-dimenzionalnih (3D)
termo-mehanskih analiz iz literature [36, 114] ter poglavja 5 kažejo, da so napetostne
fluktuacije na površini toplotno utrujane cevi skoraj idealno izo-dvoosne, če smo le dovolj
daleč stran od kakršnihkoli materialnih, geometrijskih oz. strukturnih nezveznosti in če na
komponento ne delujejo druge sile. Izo-dvoosno stanje opišemo z napetostnim tenzorjem, kjer
sta normalni komponenti v ravnini površine cevi enaki, komponenta v radialni smeri ter vse
strižne komponente pa so enake nič. Poleg tega se v spektru praviloma naključnih
temperaturnih fluktuacij tekočine nahajajo harmonske komponente različnih frekvenc in
amplitud [34], kar oteži karakterizacijo, še zlasti, če imamo opravka s toplotnimi
deformacijami z značilnimi visokimi frekvencami [83-86].
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Meritve temperaturnih polj so prostorsko nepopolne (diskretne), hkrati pa so časovno
omejene le na nekaj minut [43] oz. kvečjemu eno uro [70]. Podobno smo omejeni tudi pri
analizah celostnih polj z računalniško dinamiko tekočin, saj so le-te računsko zelo zahtevne.
Na žalost so zaradi tega izračunana temperaturna polja zopet omejena le na nekaj minut [67]
ali celo manj [36]. Nenazadnje s kompleksnimi in dolgotrajnimi eksperimenti oz.
simulacijami pridobimo le posredne načine za oceno življenjske dobe utrujanja cevi, hkrati pa
nudijo le skromno podporo pri analizi spremljajočih statističnih negotovosti.
Sintetične metode za generacijo časovno odvisnih temperaturnih signalov, kot sta t.i.
sinusna (SIN) ter spektralne metode, so po drugi strani enostavne za uporabo, poleg tega pa so
računsko veliko manj zahtevne [106, 107]. Glavna pomanjkljivost sintetičnih metod je
uporaba ene same, čeprav kritične, frekvence pri metodi SIN (razdelek 4.1 in ref. [4]) ter
upoštevanje naključnih faz pri spektralnih metodah [113], zaradi česar se porazdelitev
simuliranih temperaturnih polj zreducira zgolj na Gaussovo porazdelitev.
Značilno se zgoraj omenjene sintetične metode uporabljajo v poenostavljenih, enodimenzionalnih (1D) modelih cevi, kjer od nič različen temperaturni gradient predpostavimo
le v radialni smeri. Eno-dimenzionalni pristopi tudi odlično popišejo izo-dvoosno napetostno
stanje. Osnovna razlika med 1D in 3D pristopoma je tako v obravnavi toplotne difuzije skozi
steno, kar lahko vpliva na mehanski odziv stene: razlike se lahko pokažejo tako v intenziteti
napetostnih fluktuacij kot tudi v napetostnem dvoosnem stanju na površini cevi. Znano je tudi,
da 1D pristop v osnovi ne upošteva globalnega odziva strukture, zato je prednost 3D
mehanskih analiz ravno v tem, da omogočajo izračun bolj realističnih napetostnih fluktuacij
ter globalnega termo-mehanskega stanja strukture. Običajno je v 3D pristopu računska
domena stene omejena le na območje cevi, kjer pride do mešanja tekočin, kar lahko vpliva na
oceno globalne deformacije.
Pričujoče delo je znanstveni prispevek na področju raziskav toplotnega utrujanja
strukturnih materialov povezanih z jedrsko varnostjo. Originalne prispevke disertacije lahko
strnemo v sledeč seznam:
Ocenjene so negotovosti pri napovedovanju življenjske dobe utrujanja cevi zaradi
turbulentnega mešanja tekočin na podlagi različnih karakteristik in dolžin
temperaturnih signalov [116].
ii. Predlagana je nova, izpopolnjena spektralna metoda za generacijo temperaturnih polj
tekočine, ki je računsko razmeroma nezahtevna [116, 117].
iii. Kvantificirane so razlike v termo-mehanskih odzivih 1D in 3D modela cevne stene pri
pogojih turbulentnega mešanja tekočin [118].
iv. Predlagani so novi, računsko nezahtevni robni pogoji, ki simulirajo izvzete
komponente cevnih inštalacij v 3D mehanskih analizah cevnih T-spojev [118].
i.

Glavni cilj disertacije (točka i.) je napovedati in razumeti negotovosti pri ocenjevanju
varne življenjske dobe cevi, ki je izpostavljena toplotnemu utrujanju zaradi turbulentnega
mešanja tekočin. V ta namen je predlagana izpopolnjena sintetična metoda (točka ii.) za
generacijo temperaturnih polj tekočine pri pogojih turbulentnega mešanja. Točki iii. in iv. sta
podrobneje predstavljeni v poglavju 5 v angleškem delu disertacije in ju tu ne bomo omenjali.
Glavni izsledki v tem delu raziskave podpirajo predlagani način za ocenjevanje toplotnega
utrujanja, ki ga opisujemo v tem povzetku. Med rezultate prištevamo zlasti potrditev
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stabilnosti izo-dvoosnega napetostnega stanja na površini 3D modela cevi na širokem razponu
parametrov prenosa toplote ter konservativno ocenjene (+10%) vrednosti napetostnih
fluktuacij na površini 1D modela cevi v primerjavi z 3D modelom. Hkrati pokažemo, da
mehanski robni pogoji, ki simulirajo izvzete komponente cevovoda, napovedo bolj realistične
deformacije obravnavane 3D cevne konstrukcije. Pri tem se lahko na določenih odsekih
pojavijo od nič različne povprečne napetosti, kar poruši izo-dvoosnost in s tem morda
omogoči hitrejši nastanek oz. širjenje razpok. Kljub tem novim izsledkom pa uveljavljena
pravila za načrtovanje utrujanja jedrskih komponent, opisana v razdelkih 3.4 in D.2.3, ne
upoštevajo končnih povprečnih napetosti, saj so učinki le-teh že konzervativno vključeni pri
sami izpeljavi krivulje utrujanja (razdelek 2.2.4.1).
V sledečih razdelkih je predstavljena izpopolnjena spektralna metoda za generacijo
sintetičnih temperaturnih signalov, s katero je možno oceniti tako utrujanje cevi kot tudi
negotovosti pri napovedovanju življenjske dobe. Sintetični temperaturni signali so zgrajeni s
pomočjo prvih dveh statističnih momentov, pripadajoče gostote spektralne moči (PSD) ter
seta optimalnih faz, s katerim v celoti zadostimo fizikalnim omejitvam maksimalne in
minimalne temperature pri mešanju tekočin različnih temperatur. Vhodne podatke za oba
statistična momenta in PSD pridobimo iz meritev ali simulacij časovnih temperaturnih
signalov. V disertaciji predpostavimo, da k negotovostim pri napovedovanju življenjske dobe
najpomembneje prispeva prav inherentna variabilnost temperaturnega signala, ki je še posebej
izražena pri časovno kratkih signalih, ki so na voljo. Opis in veljavnost predlagane metode
testiramo na konkretnem primeru Civaux [5] tako, da uporabimo poenostavljen, 1D model
cevi z numerično dobljenimi temperaturami in analitičnimi izrazi za linearno odvisnost
termičnih napetosti v radialni smeri. Tak pristop pravilno napove izo-dvoosno napetostno
stanje na površini cevi. Življenjske dobe nato napovemo za različne karakteristike
temperaturnih polj tekočine, pri čemer uporabimo pravila za spreminjajoče glavne napetosti iz
standarda ASME Nuclear Boiler and Pressure Vessels [82], algoritem za štetje ciklov
»rainflow« (dodatek C), pravilo za linearno akumulacijo poškodb ter podano krivuljo za
načrtovanje utrujanja NUREG/CR-6909 [80].
Povzetek raziskav, ki ga predstavimo v tem poglavju, je organiziran sledeče. Na začetku
opišemo postopek za predlagan način ocenjevanja toplotnega utrujanja, kjer posebej
izpostavimo generacijo sintetičnih temperaturnih signalov tekočine, analizi prenosa toplote in
mehanskega odziva stene cevi ter postopek za ocenjevanje negotovosti pri napovedih
življenjske dobe utrujanja. Nato podamo rezultate ocenjevanja utrujanja, čemur sledi še
razprava ter na koncu zaključki.

D.2 Postopek ocenjevanja toplotnega utrujanja
Cilj predlaganega postopka ocenjevanja utrujanja, ki je opisan v nadaljevanju, je napovedati
življenjsko dobo utrujanja cevi, ki je izpostavljena turbulentnemu mešanju tekočin s
praviloma naključnim temperaturnim poljem v bližini stene cevi. Ocene časovnih napetostnih
polj na površini cevi izračunamo s pomočjo časovnih temperaturnih polj v tekočini in steni
cevi. Tej oceni nato sledi analiza utrujanja, kjer uporabimo podano krivuljo za načrtovanje
utrujanja. Raba takšnih krivulj nam omogoča, da se konzervativno izognemo drugim,
materialnim, strukturnim in obremenitvenim virom negotovosti v napovedovanju utrujanja.
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Pozornost je tako lahko usmerjena k obravnavi statistične negotovosti, ki je posledica
temperaturnih nihanj pri mešanju tekočin različnih temperatur. Tovrstne statistične
negotovosti se pojavljajo zaradi relativno kratkih časovnih signalov, ki so na voljo iz dragih
eksperimentov in simulacij CFD. Napovedi življenjske dobe utrujanja, skupaj s predlaganim
postopkom ocenjevanja, ki je predstavljen v obliki preprosto uporabnih pravil za načrtovanje,
primerjamo tudi z rezultati metode SIN (razdelek 4.1 in ref. [4]).
Izkušnje kažejo, da so življenjske dobe cevi, v katerih so tekočine podvržene
turbulentnemu mešanju, velikostnega reda nekaj dni, tednov ali mesecev [5]. Zato v analizah
utrujanja časovna temperaturna polja, ki jih pridobimo v simulacijah CFD oz. meritvah, in so
reda velikosti le nekaj sekund ali minut, ekstrapoliramo na čase življenjske dobe cevi, kar
lahko predstavlja pomemben vir negotovosti. V nadaljevanju zato smiselno predpostavimo, da
k negotovosti življenjske dobe utrujanja v glavnem prispeva velika inherentna variabilnost
kratkega temperaturnega signala. Vpliv negotovosti vhodnih podatkov na negotovost rezultata
(življenjske dobe utrujanja) je najbolj smiselno oceniti s pomočjo čimbolj preprostega modela.
Iz izkušenj s 3D simulacijami (poglavje 5 in ref. [36, 114]) je razvidno, da so mehanske
napetosti v toplotno utrujanih ceveh, ki nimajo snovnih, geometrijskih ali strukturnih
nezveznosti, skoraj popolnoma izo-dvoosne. To omogoča uporabo cenejših, 1D modelov cevi,
kjer operiramo z numerično dobljenimi temperaturnimi signali in analitičnimi izrazi za
linearno odvisnost termičnih napetosti le v radialni smeri. S pomočjo standardiziranih pravil
ter uporabe algoritma »rainflow« za štetje ciklov, pravila za linearno akumulacijo poškodb ter
podane krivulje za načrtovanje utrujanja nato napovemo življenjsko dobo utrujanja cevi za
različne karakteristike temperaturnega signala tekočine. Postopek je podrobneje opisan v
nadaljevanju.
Postopek ocenjevanja utrujanja predstavljen v disertaciji je mogoče neposredno razširiti z
uporabo drugih pravil za načrtovanje utrujanja. V kombinaciji z metodo končnih elementov bi
bilo npr. mogoče oceniti vplive nelinearnosti materialov kot tudi nezveznosti v geometriji
cevi. Poudarek v tem delu je namenjen predvsem obravnavi vpliva velikosti časovnega okna
temperaturnega signala in njegovih statističnih lastnosti na oceno življenjske dobe. Na ta
način bi s predlaganim postopkom lahko pripomogli k nadaljnjemu razvoju trenutno zelo
skopih in preprostih pravil za načrtovanje toplotnega utrujanja.

D.2.1 Temperaturi tekočin
V tem razdelku razvijemo izpopolnjeno spektralno metodo za generacijo časovno odvisnega
temperaturnega polja 𝑇f (𝑡), ki je podano v neki točki na površini cevi in je poljubne časovne
dolžine. Povprečje 〈𝑇f 〉 in varianca 𝑇fvar temperaturnih polj sta definirana kot:
1

𝜏

1

〈𝑇f 〉 = ∫0 𝑇f (𝑡)𝑑𝑡 ≅ ∑𝐾
𝑇 ,
𝜏
𝐾 𝑖=1 f,𝑖
𝐹f (𝑡) = 𝑇f (𝑡) − 〈𝑇f 〉,
1

𝜏

(D.1)
1

2

𝑇fvar = 𝜏 ∫0 𝐹f 2 (𝑡)𝑑𝑡 ≅ 𝐾 ∑𝐾
𝑖=1(𝑇f,𝑖 − 〈𝑇f 〉) .
Takšne definicije so v skladu z običajnim opisom temperaturnih nihanj v bližini površine cevi
v eksperimentih ter v računskih zgledih [46, 119]. Temperaturne fluktuacije v tekočini 𝐹f (𝑡) v
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časovnem intervalu, kjer je 𝑡 ∈ [0, 𝜏] in enačbe (D.1) lahko v približku zapišemo s
harmonskim razvojem v obliki [112, 121]:
⁄

2
𝐹f (𝑡) = ∑𝐾
𝑗=1 𝐴𝑗 cos(𝜔𝑗 𝑡 + 𝜑𝑗 ),

(D.2)

kjer je 𝐴𝑗 amplituda j-tega nihajnega načina, 𝜑𝑗 fazni zamik, 𝜔𝑗 = 2𝜋𝑓𝑗 kotna frekvenca in 𝐾
število temperaturnih izmerkov, ki jih merimo pri konstantnem časovnem razmiku Δ𝑡.
Časovno odvisno temperaturo tekočine 𝑇f (𝑡) nato dobimo, če predpisano povprečno vrednost
temperature 〈𝑇f 〉 prištejemo k modeliranim temperaturnim fluktuacijam 𝐹f (𝑡), ki imajo po
definiciji povprečno vrednost enako nič. Da bi modeliranim vrednostim 𝐹f (𝑡) predpisali tudi
porazdelitev spektralne gostote moči (PSD) in variance, definiramo diskreten čas
𝑡𝑖 = (𝑖 − 1)Δ𝑡 za 𝑖=1,2,…, 𝐾, s katerim lahko zapišemo temperature ob diskretnih časih kot
𝑇f,𝑖 = 𝑇f (𝑡𝑖 ) in temperaturne fluktuacije kot 𝐹f,𝑖 = 𝐹f (𝑡𝑖 ). Pri tem postane dolžina celotnega
temperaturnega polja v tekočini 𝜏=(𝐾 − 1)Δ𝑡. Elemente diskretne frekvenčne domene lahko
zapišemo kot 𝑓𝑗 = 𝑗⁄𝐾Δ𝑡 za 𝑗=1,2,…,𝐾/2. S tem nam enačba (D.2) omogoča, da povežemo
amplitude 𝐴𝑗 s PSD:
𝐴𝑗 = √2Δ𝑓𝑃𝑗 ,

(D.3)

kjer je Δ𝑓 = 1⁄(𝐾Δ𝑡) frekvenčni interval. Moč posameznega nihajnega načina (𝑃𝑗 ) je podana
z analitičnim izrazom spektralne porazdelitve moči, ki je izpeljan iz teorije turbulentnih
tokov [122]:
𝑃(𝑓) = 0.475

𝑇fvar
𝑓0

−5⁄6
𝑓 2

[1 + (𝑓 ) ]
0

(D.4)

,

ki je bil predlagan za 1D spekter temperaturnih fluktuacij v primeru izotropne turbulence.
Enačba (D.4) je odvisna od predpisane variance temperaturnih fluktuacij 𝑇fvar in od frekvence
prehoda 𝑓0 .
Običajno so v spektralnih metodah [106, 112] faze 𝜑𝑗 v enačbi (D.2) porazdeljene po
enakomerni porazdelitvi 𝒰(0,2𝜋). Za velike 𝐾 ta predpostavka pomeni, da so temperaturne
fluktuacije v tekočini, 𝐹f (𝑡), kot tudi temperaturno polje, 𝑇f (𝑡), porazdeljene po normalni
porazdelitvi. Zaradi slednjega je mogoče in celo zelo verjetno, da generirane temperature
občasno presežejo mejne vrednosti, ki so podane s temperaturami mešanih tekočin.
Da generirane temperature ne bodo presegle mejnih vrednosti zagotovimo tako, da začetno
enakomerno porazdelitev faz 𝜑𝑗 optimiziramo z minimizacijo funkcije napake:
𝜙

𝐸𝑟𝑟𝑜𝑟(𝜑𝑗 ) = ∫ [(𝑇f − 𝑇fhot ) ⋅ ℋ(𝑇f − 𝑇fhot ) + (𝑇fcold − 𝑇f )
⋅ ℋ(𝑇fcold − 𝑇f )] 𝑑𝑡

𝜙

(D.5)

Funkcijo napake minimiziramo z uporabo Powellove metode [120]. V funkciji napake nastopa
izraz 𝑇f kot časovno odvisna temperatura 𝑇f (𝑡) in ℋ(𝑇) kot Heavisidova stopničasta funkcija.
Eksponent 𝜙 ≥ 2 lahko prilagajamo in s tem spreminjamo hitrost konvergence v postopku
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minimizacije. Postopek zaključimo, ko je temperatura 𝑇f (𝑡) ob vsakem času znotraj mejnih
temperatur in predpisane tolerance 𝜀𝑇 :
𝑇fcold (1 − 𝜀𝑇 ) ≤ 𝑇f (𝑡) ≤ 𝑇fhot (1 + 𝜀𝑇 ).

(D.6)

Priročno je uvesti brez-dimenzijsko normalizirano temperaturo 𝑇̃f (𝑡), brez-dimenzijsko
normalizirano povprečno temperaturo 〈𝑇̃f 〉, in brez-dimenzijski normaliziran standardni
odklon temperature 𝑇̃frms kot:
cold

𝑇 (𝑡)−𝑇
𝑇̃f (𝑡) = f ∆𝑇 f

,
cold

〈𝑇 〉−𝑇
1
〈𝑇̃f 〉 = ∑𝐾
𝑇̃ = f ∆𝑇f
𝐾 𝑖=1 f,𝑖

,

(D.7)

1
𝑇̃frms = ∆𝑇 √𝑇fvar .

Pri tem je ∆𝑇=𝑇fhot -𝑇fcold razlika temperatur med toplo (𝑇fhot ) in hladno (𝑇fcold ) tekočino.
Dovoljene vrednosti 〈𝑇̃f 〉 in 𝑇̃frms sestavljajo parametrični prostor, ki je prikazan na sliki D.1.

Slika D.1. Prikaz parametričnega prostora za primer turbulentnega mešanja tekočine, kot funkcija brezdimenzijske normalizirane povprečne temperature 〈𝑇̃f 〉 in standardnega odklona 𝑇̃frms . Območje je omejeno s
krivuljo Max_01, ki predstavlja nihanja, kjer temperatura menjava vrednosti 0 in 1. Krivulja Max_PSD je
spodnja meja za omejitev in je izračunana iz predpisanega PSD časovnega razvoja temperature. Označbi
Vattenfall [46] in Hu [119] zaznamujeta časovne razvoje v bližini sten cevi v poskusih mešanja tekočin v cevnih
T-spojih. SIN=(1⁄2 , 1⁄2√2) označuje sinusni časovni razvoj temperature. Točke označene s črkami od A do H
pa so uporabljene za prikaz rezultatov ocene utrujanja.

Enačbi (D.1) in (D.7), skupaj z omejitvijo, da je brez-dimenzijska normalizirana
temperatura tekočine omejena na intervalu med 0 in 1, omejujejo parametrični prostor tako, da
velja 0 ≤ 〈𝑇̃f 〉 ≤ 1 in da je zgornja meja za 𝑇̃frms :
max (𝑇̃frms (〈𝑇̃f 〉))=Max_01(〈𝑇̃f 〉)=√〈𝑇̃f 〉(1 − 〈𝑇̃f 〉).

(D.8)
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Temperaturna nihanja, ki bi točno izpolnila enačbo (D.8) (krivulja Max_01 na sliki D.1), bi
pomenila, da temperatura niha med točnimi vrednostmi 0 in 1, brez vmesnih vrednosti.
Takšno nihanje ni v skladu z naravo turbulentnega mešanja in ne ustreza predpisanemu PSD v
enačbi (D.4). Nihanja, ki zadovoljijo zahtevo po PSD, so tako omejena na še nekoliko manjše
območje, ki ga približno omejuje izračunana krivulja Max_PSD na sliki D.1.
Do toplotnega utrujanja lahko tako pride kjerkoli pod krivuljo Max_PSD na sliki D.1. Na
sliki so z barvnimi simboli prikazani tudi podatki iz treh poskusov mešanja tekočin v cevnih
T-spojih [46, 119]. Razvidno je, da ti poskusi ne pokrivajo celotnega parametričnega prostora.
Prikazana je tudi točka SIN, ki označuje sinusno nihajočo temperaturo v času z
(〈𝑇̃f 〉, 𝑇̃frms )=(1/2,1/2√2). Očitno je, da noben od treh navedenih poskusov ne sovpada s točko
SIN. S polnimi kvadratki in črkami od A do H so na sliki D.1 označene točke ocenjevanja, ki
predstavljajo nekaj značilnih temperaturnih potekov, ki jih kasneje uporabimo pri oceni
toplotnega utrujanja.

D.2.2 Temperatura površine in časovni potek napetosti
Rezultat postopka opisanega v tem razdelku so amplitude napetosti, ki so linearno odvisne od
razlike temperatur mešanih tekočin. Nelinearnostim, ki izvirajo v morebitnih temperaturno
odvisnih lastnostih materialov, zapletenem prenosu toplote iz tekočine na cev ter plastičnih
učinkih materialov, se zaradi jasnosti opisa namenoma izognemo.
Temperaturne fluktuacije v tekočini povzročijo temperaturne spremembe v steni cevi preko
konvekcije na notranji površini cevi. Za namene predstavitve rezultatov ocene toplotnega
utrujanja v poglavju D.3, je bila uporabljena v ref. [4] priporočena konstantna vrednost
koeficienta toplotne prestopnosti ℎ=15.000 W/m2K. Vpliv koeficienta ℎ na predvideno
življenjsko dobo utrujanja je analiziran v razdelku 6.7 te disertacije. Temperatura cevi, katere
zunanja stena je toplotno izolirana, je na začetku nastavljena na povprečno temperaturo
tekočine 〈𝑇̃f 〉. S tem predpostavimo globalno toplotno ravnovesje med steno cevi in tekočino.
K oceni utrujanja v poglavju D.3 tako prispevajo samo lokalna nihanja v temperaturi. Vpliv
zanemarjenih globalnih toplotnih prehodov na dolžino življenjske dobe utrujanja je proučen v
razdelku 6.6 te disertacije.
Časovno odvisno temperaturno polje v steni dobimo tako, da računsko rešimo 1D enačbo
prenosa toplote v radialni smeri (dodatek A). Ta časovni razvoj temperature služi kot vhodni
podatek za izračun termičnih napetosti v steni. Le-te so izračunane s pomočjo 1D analitičnih
modelov za linearno elastičnost v dolgem votlem valju (razdelek 3.3.2). Časovni razvoj izodvoosne napetosti (normalni komponenti napetostnega tenzorja v obodni smeri in v smeri osi
valja sta enaki) na notranji površini cevi v primeru prostih koncev cevi, ki je uporabljen pri
oceni utrujanja spodaj, lahko zapišemo kot:
𝛼𝐸

𝜎(𝑟𝑖 , 𝑡) = 1−𝜐 (𝑟

2

2
2
𝑜 −𝑟𝑖

𝑟

𝑜
∫𝑟 𝑇w (𝑟′, 𝑡)𝑟′𝑑𝑟′ − 𝑇w (𝑟𝑖 , 𝑡)).
𝑖

(D.9)

To je smiselna predpostavka, saj se največja nihanja v temperaturi in napetosti - ob prej
omenjenih predpostavkah, da je opazovani del cevi daleč od materialnih, geometrijskih ali
strukturnih nezveznosti, pojavijo ravno na notranjem robu. Tukaj 𝑇w (𝑟, 𝑡) v enačbi (D.9)
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označuje temperaturo stene, ki se spreminja tako po radiju, kot v času. Podobno kot zgoraj je
tudi tu smiselno uvesti brez-dimenzijsko normalizirano napetost na intervalu [-0,5, 0,5] kot:
(1−𝜐)

𝜎̃(𝑟i , 𝑡) = 𝜎(𝑟i , 𝑡) 𝛼𝐸∆𝑇 .

(D.10)

Zaradi priročnosti so ostali parametri v enačbah (D.9) in (D.10) definirani v naslednjem
poglavju.
D.2.2.1 Primer
Za ilustracijo predstavljenega postopka ocenjevanja napetosti so v računskih zgledih
uporabljene temperaturno neodvisne snovne in fizikalne lastnosti cevovodov iz avstenitnega
nerjavnega jekla, primerljive s cevovodi v jedrski elektrarni Civaux [5]. Te lastnosti
vključujejo toplotno prevodnost 𝑘w =14,7 W/mK, specifično toploto 𝑐𝑝 w =480 J/kgK, gostoto
𝜌w =7800 kg/m3, koeficient toplotne razteznosti 𝛼=16,4x10-6 K-1, Youngov modul
𝐸=177 GPa, Poissonovo razmerje 𝜐=0,3 in cev z notranjim radijem 𝑟i =0,127 m in zunanjim
radijem 𝑟o =0,1363 m.
V primarnem krogu jedrske elektrarne Civaux je prišlo do puščanja v enem od cevnih Tspojev, kjer sta se približno 1.500 ur mešali dve tekočini z razliko temperatur ∆𝑇=160°C [5,
57, 70]. Čeprav je cilj ocenjevanja utrujanja opisanega v razdelku D.2.3 oceniti čas do
nastanka prvih poškodb, ki je praviloma krajši kot je čas do nastanka puščanja v elektrarni
Civaux, je tukajšnji primer izbran zaradi lažje primerjave z drugimi rezultati v tej disertaciji.

Slika D.2. Temperatura tekočine, površine cevi in porazdelitev napetosti na površini cevi za izbrane ocenjevalne
točke iz slike D.1.

Slika D.2 prikazuje primer časovnega poteka temperature tekočine (črne krivulje) v
izbranih točkah ocenjevanja na sliki D.1. Po enačbah (D.1) do (D.7), kjer je 𝐾=4096 in
Δ𝑡=0,02 s je bil generiran časovni potek normalizirane temperature dolžine 𝜏=81,9 s.
Parametri minimizacije, ki so bili uporabljeni za generacijo časovnih potekov temperature v
tem razdelku so bili: v enačbi (D.5) je 𝜙=2, v enačbi (D.6) je 𝜀𝑇 =10-7, PSD je podan z enačbo
(D.4) in frekvenco prehoda 𝑓0 =1 Hz. Slika D.2 prikazuje tudi temperature na notranji površini
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cevi (rdeče krivulje), ki so rezultat analize prenosa toplote. Razvidno je, da te temperature
nihajo okoli povprečne temperature tekočine in da sledijo temperaturam tekočine, a zaradi
narave prenosa toplote, z zmanjšano amplitudo in faznim zamikom. Vsi prikazani časovni
poteki temperatur so prikazani tudi s histogrami temperatur tekočine in površine stene ter s
histogrami normaliziranih napetosti na površini (enačba (D.10)).
Točki A in F na sliki D.2, ki na sliki D.1 ležita na vodoravni črti z 𝑇̃frms =0,2, prikazujeta
vpliv normalizirane povprečne temperature 〈𝑇̃f 〉 na porazdelitev temperatur. Porazdelitve
temperatur tekočine in površine cevi postanejo nesimetrične, ko se bližamo krivulji Max_01
(točka A na slikah D.1 in D.2). Po drugi strani imata točki E in H na sliki D.2, ki na sliki D.1
ležita na navpičnici z 〈𝑇̃f 〉=0,5, zelo simetrični porazdelitvi temperatur. Za nizke vrednosti
𝑇̃frms (na primer točka E) je verjetnost, da temperatura doseže mejni vrednosti praktično nič,
porazdelitev temperatur pa ima zvonasto obliko podobno Gaussovi. Z večanjem 𝑇̃frms se
porazdelitve temperatur razširijo (na primer točka F na sliki D.2, ki ima ravno tako 〈𝑇̃f 〉=0,5),
mejne temperature pa začnejo delovati kot nekakšne stene v porazdelitvi. Temperature v
glavnem nihajo okoli vrednosti mejnih temperatur v primeru točke H. Fizikalne meje
temperatur tekočine, skupaj z naravo prenosa toplote, imajo poseben učinek na porazdelitev
temperature na površini v primeru visokih vrednosti 𝑇̃frms . V točki H, kjer temperatura
tekočine pogosto zavzame mejno vrednost, prenos toplote spremeni porazdelitev temperature
na površini cevi in porazdelitev napetosti na način, da so ekstremne vrednosti le-teh manj
verjetne. Iz slike D.2 je tudi razvidno, da napetosti nihajo okoli 0 in tesno sledijo
temperaturnim nihanjem na površini cevi, zaradi česar imajo tudi podobne porazdelitve.
Parametrični prostor na sliki D.1 je simetričen glede na vertikalo 𝑇̃=0.5. Območje
temperaturnih fluktuacij z 〈𝑇̃f 〉<0,5 je tako ekvivalentno območju z 〈𝑇̃f 〉>0,5 glede na standard
ASME [82] (glej razdelek D.2.3).

D.2.3 Napoved življenjske dobe utrujanja
Pri analizah utrujanja smo uporabili postopke iz standarda ASME [82] za spreminjajoče
glavne smeri napetosti. S tem smo splošno večosno napetostno stanje efektivno prevedli na
enoosno, v katerem je definirana krivulja za načrtovanje utrujanja. Krivuljo utrujanja smo
povzeli po NUREG/CR-6909 za avstenitna nerjavna jekla izpostavljena zraku [80]. Postopek
ASME za spreminjajoče glavne smeri napetosti temelji na teoriji maksimalnih strižnih
napetosti in definira razlike napetosti 𝑆ij kot:
𝑆12 = 𝜎1 − 𝜎2 ,
𝑆23 = 𝜎2 − 𝜎3 ,

(D.11)

𝑆31 = 𝜎3 − 𝜎1
kjer so glavne vrednosti napetosti 𝜎1 >𝜎2 >𝜎3 . Zaradi jasnosti zapisa je časovna odvisnost
glavnih vrednosti napetosti in napetostnih razlik izpuščena. Glede na maksimalen razpon 𝑆ij v
danem časovnem okviru, ki ga označimo z 𝑆rij , definiramo izmenično intenziteto napetosti
𝑆𝑎𝑙𝑡 kot:
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1

𝑆𝑎𝑙𝑡 = 2 𝑚𝑎𝑥(|𝑆rij |).

(D.12)

Postopek ASME za spreminjajoče glavne smeri napetosti narekuje, da je za napetostna stanja
z negativnim razmerjem napetosti 𝑅= 𝜎min ⁄𝜎max <0 potrebno od časovnega poteka
napetostnega tenzorja odšteti njegovo vrednost ob času največje obremenitve. S to operacijo
posodobimo poleg poteka napetostnega tenzorja tudi njegove glavne napetosti, napetostne
razlike in 𝑆𝑎𝑙𝑡 . Posodobljene glavne napetosti ohranijo identiteto [82], zato se izo-dvoosno
napetostno stanje v našem primeru ohrani. Prikladna in zelo uporabna posledica izodvoosnega napetostnega stanja je, da je 𝑆𝑎𝑙𝑡 enak polovici obodne (oz. aksialne) komponente
napetostnega tenzorja izračunanega v enačbi (D.9).
V analizi utrujanja predstavljeni v nadaljevanju zaradi jasnosti izpustimo faktorje, ki
upoštevajo učinke plastičnosti (Ke) [82], zmanjšanja odpornosti na utrujanje (Kr), povečane
plastične deformacije zaradi dvoosnih termičnih napetosti (Kv) [4] in morebitne kemijske
učinke reaktorskega okolja (Fen) [80].
Življenjsko dobo utrujanja (𝐹𝐿) v metodi SIN (razdelek 4.1 in ref. [4]), kjer je temperaturni
potek opredeljen s konstanto amplitudo in eno samo (kritično) frekvenco (𝑓), napovemo kot:
𝑁

𝐹𝐿 = 𝑓 .

(D.13)

Dovoljeno število ciklov (𝑁) izračunamo s pomočjo krivulje za načrtovanje utrujanja [80] in
podane izmenične intenzitete napetosti 𝑆𝑎𝑙𝑡 . Pri tem predpostavimo, da se razmeroma kratek
temperaturni signal med utrujanjem cevi periodično ponavlja.
Življenjsko dobo utrujanja lahko za primer naključnih obremenitev ocenimo z uporabo
algoritma »rainflow« za štetje ciklov, ki določi amplitude in pogostost napetostnih ciklov
[102] (dodatek C), ter pravila za linearno akumulacijo poškodb. Poškodbo 𝐷, ki se
akumulirana med 𝑚 napetostnimi cikli, izračunamo kot:
𝑛

𝑖
𝐷 = ∑𝑚
𝑖=1 𝑁

𝑖

(D.14)

kjer 𝑛𝑖 označuje število ciklov preštetih z algoritmom »rainflow« za cikel 𝑖 in 𝑁𝑖 predstavlja
dovoljeno število ciklov za intenziteto napetosti za cikel 𝑖. Ker generirani temperaturni signal
v omejenem času 𝜏 v splošnem ni periodičen, je uporabno definirati hitrost poškodb 𝐷̇ kot:
𝐷
𝐷̇ = 𝜏 .

(D.15)

Če predpostavimo, da je največja dovoljena vrednost poškodb utrujanja 𝐷=1, lahko
življenjsko dobo utrujanja ocenimo kot:
1

𝐹𝐿 = 𝐷̇.

(D.16)

Povprečno življenjsko dobo utrujanja nato definiramo z:
〈𝐹𝐿〉 =

1
〈𝐷̇ 〉

(D.17)
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kjer je povprečna hitrost poškodb:
1
〈𝐷̇〉 = ∑𝑞𝑖=1 𝐷̇𝑖

(D.18)

𝑞

ocenjena iz posameznih hitrosti poškodb 𝐷̇𝑖 v vzorčnem temperaturnem signalu 𝑖. Če s 𝑞
označimo število generiranih vzorčnih signalov, potem lahko negotovost napovedane
povprečne življenjske dobe utrujanja izrazimo z intervalom zaupanja:
[

1
𝑠(𝐷̇)

〈𝐷̇ 〉+

√𝑞

,

1
〈𝐷̇ 〉−

𝑠(𝐷̇)

].

(D.19)

√𝑞

Negotovost posamezne napovedi utrujanja ocenimo z razmerjem med standardno deviacijo 𝑞ih ocen, 𝑠(𝐷̇), in povprečno hitrostjo poškodb:
Negotovost =

𝑠(𝐷̇ )
〈𝐷̇〉

(D.20)

D.3 Rezultati ocenjevanja utrujanja
Cilj predstavljenega postopka ocenjevanja utrujanja je napovedati življenjsko dobo utrujanja
cevi, ki je izpostavljena praviloma naključnim temperaturnim signalom. Podali bomo oceno in
razlago, kako negotovosti vhodnih podatkov, kot so variabilnost (naključnost) in časovna
dolžina temperaturnega signala, vplivajo na negotovost rezultata, t.j. življenjske dobe
utrujanja. Prečesali bomo ves parametrični prostor predstavljen na sliki D.1.

D.3.1 Vpliv variabilnosti temperatur na napoved življenjske dobe utrujanja
Ocena utrujanja cevi je prikazana na sliki D.3 za temperaturne signale v točkah A-H (slika
D.1) in temperaturno razliko tekočin ∆𝑇=160°C, kar ustreza primeru iz jedrske elektrarne
Civaux (razdelek D.2.2.1). Pri oceni je za vsako točko (A-H) uporabljenih 15 vzorčnih
temperaturnih signalov z dolžino 𝜏=81.9 s z enakimi 〈𝑇̃f 〉, 𝑇̃frms , PSD in ∆𝑇. Potrebno je
poudariti, da imajo različni vzorčni signali različne sete optimalnih 𝜑𝑗 v enačbi (D.2), ki so
dobljeni z minimizacijo enačbe (D.5). Za vsako točko je prikazana tudi porazdelitev 15-ih
vrednosti, ki je predstavljena z škatlastim diagramom, kjer spodnja, srednja in zgornja linija
škatle ponazarjajo prvi (Q1), drugi (mediana) in tretji (Q3) kvartil porazdelitve. Skrajni točki
obeh palic na škatli ponazarjata minimalno oz. maksimalno vrednost v vzorcu 15 ocen.
Rezultati na sliki D.3 potrjujejo, da ima 𝑇̃frms največji vpliv na napoved življenjske dobe
utrujanja. Le-ta se razteza preko več velikostnih redov (točke E-H na sliki D.3a). Veliko
manjši a še vedno znaten vpliv ima 〈𝑇̃f 〉, ki se odraža večinoma s simetrijo porazdelitve
temperatur. Življenjske dobe utrujanja pri signalih z zelo asimetrično porazdelitvijo
temperatur (točka A na slikah D.2 in D.3b) so lahko za faktor 2 krajše kot tiste z bolj
simetrično porazdelitvijo (točka F na slikah D.2 in D.3b).
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Slika D.3. Porazdelitev življenjske dobe utrujanja, prikazana s škatlastim diagramom, za temperaturne signale v
točkah A-H na sliki D.1 s časovno skalo 𝜏=81.9 s in ∆𝑇=160°C. Za vsako točko smo uporabili 15 vzorčnih
signalov. a) Vpliv 𝑇̃frms v točkah od E do H z 〈𝑇̃f 〉=0.5 in b) vpliv 〈𝑇̃f 〉 v točkah od A do F z 𝑇̃frms =0.2.
Vodoravna črta pri ~60 dneh predstavlja čas, ki je minil do začetka puščanja v primeru Civaux [5]. Pripadajoča
mera za fluktuacije je ocenjena na 𝑇̃frms =0.2.

S slike D.3a lahko prav tako razberemo, da 0.1< 𝑇̃frms <0.2 predstavlja kritično območje,
saj so v točki E ocenjene življenjske dobe utrujanja precej visoke in negotove, medtem ko so v
točki F le-te bistveno krajše (manj kot eno leto za rutinske preglede) in z manjšo
razpršenostjo. Poleg tega je življenjska doba utrujanja za primer Civaux (~60 dni) napovedana
za 𝑇̃frms ≈0.2 (glej sliko D.3a). Takšne temperaturne fluktuacije tekočine
(𝑇frms ≈0.2*160=32°C) sovpadajo z izsledki numeričnih simulacij za primer Civaux [5, 57]. Z
uporabo temperaturnih signalov dolžine 𝜏=81.9 s je 60-dnevna napoved življenjske dobe
izpolnjena za vse točke B-F na sliki D.3b. Je pa res, da se oceni 60 dni najbolj približata točki
B in F z ocenjenima napakama ±20 oz. ±10 dni. Daljši kot so temperaturni signali, manjše so
negotovosti ocen, kar si bomo ogledali v nadaljevanju.

D.3.2 Vpliv dolžine signala na napoved življenjske dobe utrujanja
Glavni dejavnik, ki prispeva k negotovostim življenjske dobe utrujanja, je t.i. inherentna
časovna variabilnost temperatur ob mešanju tekočin. Pri tem je negotovost ocene neločljivo
odvisna od same dolžine temperaturnih signalov.
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Slika D.4. Vpliv dolžine generiranega temperaturnega signala tekočine, 𝜏, na porazdelitev ocenjenih življenjskih
dob utrujanja, ki je predstavljena s škatlastim diagramom. Za vsak diagram smo uporabili 15 vzorčnih signalov z
(〈𝑇̃f 〉, 𝑇̃frms )=(0.5,0.2) in ∆𝑇=160°C. Vodoravna os je prikazana v skali log-2.

Slika D.4 prikazuje vpliv dolžine signala, 𝜏, na predvideno življenjsko dobo utrujanja za
razmere prikazane v točki F na sliki D.3, t.j. (〈𝑇̃f 〉, 𝑇̃frms )=(0.5,0.2) in ∆𝑇=160°C. Za vsak 𝜏 je
uporabljenih 15 različnih signalov. Rezultati so predstavljeni s porazdelitvijo življenjske dobe
utrujanja (kot na sliki D.3) in izračunano povprečno življenjsko dobo utrujanja, 〈𝐹𝐿〉, enačba
(D.17), ter pripadajočim intervalom zaupanja, enačba (D.19). Iz slike je razvidno, da z
naraščajočim 𝜏 povprečne vrednosti konvergirajo k ustaljeni vrednosti, prav tako pa se manjša
njihova negotovost. Povprečne vrednosti padajo z naraščajočim 𝜏, kar lahko razložimo z
dejstvom, da je pri daljših signalih na voljo več ciklov z velikimi amplitudami napetosti, ki
zmanjšujejo oceno življenjske dobe.
Velik raztros pri napovedih s kratkimi časovnimi temperaturnimi signali nastane zato, ker
so cikli z velikimi amplitudami napetosti praviloma redki in naključni v času. Zato ni nujno,
da se v (pre)kratkem signalu sploh pojavijo. Velja še omeniti, da nam danes najbolj napredne
deterministične numerične simulacije turbulentnega mešanja tekočin omogočajo signale
značilne dolžine okoli ene minute. Če predpostavimo, da imajo ti signali približno enake
negotovosti kot predstavljeni signali enakih dolžin, potem morda niso dovolj za natančne
napovedi življenjskih dob. Natančnost napovedi z uporabo kratkih temperaturnih signalov pa
je lahko dobra v primerih mešanja tekočin z visokimi temperaturnimi razlikami in z velikimi
temperaturnimi fluktuacijami.

D.3.3 Primerjava z metodo SIN
V tem razdelku so predstavljeni rezultati ocene utrujanja za različne 𝑇̃frms in ∆𝑇 pri
konstantnem 〈𝑇̃f 〉=0.5, ki vodi do simetričnih porazdelitev temperatur. Na sliki D.5a
primerjamo življenjske dobe, ki so rezultat povprečja 15-ih temperaturnih signalov (glej sliki
D.1 in D.2, 〈𝑇̃f 〉=0.5) s časovno dolžino 𝜏=81.9 s, z življenjskimi dobami, ki jih ocenimo z
metodo SIN [4, 106].
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Slika D.5. a) Primerjava rezultatov med predlaganim postopkom ocenjevanja utrujanja (temperaturne signali
tekočin z 〈𝑇̃f 〉=0.5) in metodo SIN kot funkcija ∆𝑇. b) Negotovost napovedi določena z enačbo (D.20).

Na sliki D.5 primerjamo napovedi metode SIN (črtkana črta na sliki D.5a) z napovedmi
predlaganega pristopa (polne črte na sliki D.5a) za različne vrednosti temperaturnih fluktuacij.
Velja omeniti, da metoda SIM podaja eno samo krivuljo, ki prikazuje najkrajšo (kritično)
življenjsko dobo utrujanja pri kritični frekvenci za nek ∆𝑇 (glej razdelek 4.1, sliki 4.7 in 4.8).
Ta krivulja leži nižje od vseh ostalih, kar jasno kaže na prekomeren konservatizem pristopa.
Razlika med krivuljo SIN in krivuljo z 𝑇̃frms =1⁄2√2 (ekvivalent sinusnemu signalu) je odraz
različnih pristopov, t.j. iskanja kritične frekvence pri metodi SIN oz. uporaba večfrekvenčnega spektra v temperaturnem signalu pri predlagani metodi ocenjevanja. Iz slike
D.5a je razvidno, da lahko pričakovane razlike med pristopoma obsegajo 2 velikostna razreda
pri tipičnem 𝑇̃frms iz eksperimentalnih podatkov (glej sliko D.1) in ∆𝑇=160°C. S tem se še
bolj poudari konservativnost metode SIN, ki za primer Civaux napove življenjsko dobo okrog
3 dni.
Ena od pomembnih ugotovitev na podlagi prikazanih rezultatov na sliki D.5a je, da imata
∆𝑇 in 𝑇̃frms , oba kot neodvisna parametra, pomemben vpliv na predvideno življenjsko dobo
utrujanja. Opazimo lahko, da predvideno življenjsko dobo utrujanja približno 100 dni
napovemo na širokem intervalu parametričnega prostora: npr. med 𝑇̃frms =0.14 in ∆𝑇=200°C
ter 𝑇̃frms =0.4 in ∆𝑇=100°C. Po pričakovanjih dobimo krajše življenjske dobe utrujanja za
višje vrednosti ∆𝑇 in 𝑇̃frms . Negotovosti teh napovedi so podane na sliki D.5b za 𝜏=81.9 s.
Vidimo, da imajo daljše napovedi življenjske dobe utrujanja večjo negotovost. Sliki D.5a in b
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prikazujeta, da se pri fiksnem ∆𝑇 predvidene življenjske dobe utrujanja in njihove negotovosti
močno zmanjšajo, ko povečamo temperaturne fluktuacije.
Poudarimo še, da lahko rezultate predlaganega postopka ocenjevanja utrujanja, prikazane
na sliki D.5, uporabimo kot preprosta pravila pri načrtovanju utrujanja cevi, v katerih prihaja
do turbulentnega mešanja tekočin različnih temperatur. Življenjsko dobo utrujanja cevi bi pri
danem ∆𝑇 lahko hitro ocenili s pomočjo podane vrednosti temperaturnih fluktuacij, ki bi jo
pridobili bodisi iz eksperimentov bodisi iz simulacij CFD. Pri tem je potrebno opozoriti, da je
pričakovana življenjska doba lahko krajša, npr. za faktor 2, kot prikazuje slika D.3b, če je
porazdelitev temperaturnih fluktuacij asimetrična.

D.4 Zaključek
Turbulentno mešanje tekočin različnih temperatur v cevnih T-spojih je dobro znan vir
toplotnega utrujanja v ceveh, ki so pomembne za varnost jedrskih elektrarn. Praviloma
naključne temperaturne fluktuacije tekočine ob steni cevi, ki jih povzroča turbulentno mešanje
tekočin, povzročajo fluktuacije v termičnih napetostih okoliških cevi. Pod določenimi pogoji
lahko takšne napetostne fluktuacije vodijo do utrujanja materialov in posledično do puščanja
cevi ali celo izgube strukturne celovitosti.
Da določimo obremenitve pri ocenjevanju toplotnega utrujanja komponent uporabimo
interdisciplinaren pristop, pri katerem je potrebno poznati temperaturno polje tekočine, prenos
toplote med tekočino in steno ter mehanske napetosti v steni cevi. Z analizami utrujanja nato
napovemo verjetnost za utrujanje materiala. Pri ocenjevanju utrujanja v ceveh jedrskih
elektrarn je ključno dobro poznavanje temperaturnih polj v tekočini in steni cevi, saj le-to
predstavlja vir toplotnega utrujanja.
Kompleksni ter časovno izredno zahtevni eksperimenti in simulacije CFD turbulentnega
mešanja tekočin zaradi omejitev, kot so na primer nepopolni (diskretni) prostorski in časovni
podatki pridobljeni pri določeni konfiguraciji tekočin, zagotavljajo le delno podporo
prepotrebnim statističnim analizam negotovosti, ki so neločljivo povezane s pojavom
utrujanja. Ekstrapolacija relativno kratkih časovnih temperaturnih polj glede na pričakovano
življenjsko dobo komponent, ki je reda velikosti nekaj mesecev oz. let, je inherentno
obremenjena z negotovostjo. Zato je glavni cilj disertacije prispevati k napovedim in
razumevanju negotovosti pri ocenjevanju varne življenjske dobe cevi, ki so izpostavljene
toplotnemu utrujanju zaradi turbulentnega mešanja tekočin.
Pri analizah negotovosti ocen življenjske dobe utrujanja uporabimo časovno odvisna
temperaturna polja različnih dolžin in statističnih značilnosti. Ustrezna polja poljubnih dolžin
ustvarimo z izpopolnjeno spektralno metodo, ki generiranim temperaturnim poljem pripiše
fizikalno dovoljena temperaturna nihanja v skladu s podano gostoto spektralne moči, razliko
temperatur mešanih tekočin in s podanima prvima dvema statističnima momentoma
temperaturnih fluktuacij. Za oceno utrujanja privzamemo 1D model cevi, ki ustreza izodvoosnemu napetostnemu stanju. Življenjske dobe utrujanja nato ocenimo za različne
temperaturne karakteristike, pri čemer sledimo standardiziranim pravilom, kjer uporabimo
algoritem za štetje ciklov »rainflow«, pravilo za linearno akumulacijo poškodb ter podano
krivuljo za načrtovanje utrujanja.
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Negotovosti zaradi razmeroma majhne časovne dolžine temperaturnih polj, kakršne so
običajno na voljo pri meritvah in simulacijah CFD, so bile ocenjene na podlagi generiranih
temperaturnih polj poljubnih dolžin. Ocene negotovosti kažejo, da napovedane povprečne
življenjske dobe utrujanja pri majhnih temperaturnih fluktuacijah in majhnih temperaturnih
razlikah zahtevajo daljše časovne poteke temperaturnih polj, če želimo doseči enako
natančnost ocen. Obremenitve z veliko amplitudo so običajno redki dogodki, zato zahtevajo
relativno dolge časovne signale, da so v statističnem smislu ustrezno upoštevani pri
vrednotenju življenjske dobe utrujanja. S tega vidika so časovni signali tipične dolžine minuto
ali manj lahko prekratki za zanesljivo napoved življenjske dobe utrujanja. Pristop predlagan v
disertaciji lahko oceni potrebno dolžino temperaturnega signala pri zahtevani natančnosti
napovedi življenjske dobe utrujanja.
Rezultati ocene utrujanja pri različnih karakteristikah temperaturnih polj tekočine kažejo,
da je pri dani temperaturni razliki varianca temperaturnih fluktuacij najpomembnejši dejavnik,
ki vpliva na napoved življenjske dobe utrujanja po standardu ASME. Analize utrujanja
časovnih signalov temperatur z izrazito asimetričnimi porazdelitvami napovedo krajše
življenjske dobe v primerjavi s signali, ki imajo simetrične temperaturne porazdelitve. Pri
pogojih elektrarne Civaux bi bila za 60 dnevno življenjsko dobo utrujanja potrebna varianca
temperaturnih fluktuacij tekočine približno 𝑇̃frms ≈0.2 (𝑇frms ≈32°C). Pri tem je natančnost
napovedane življenjske dobe približno ±10 dni, če uporabimo temperaturni signal dolžine ≈80
s. Ocenjena varianca temperaturnih fluktuacij je razmeroma velika, a vendar verjetna in
primerljiva z rezultati eksperimentov turbulentnega mešanja tekočin ter numeričnimi rezultati
mešanja tekočin v cevnem T-spoju elektrarne Civaux.
Rezultate predlaganega postopka ocenjevanja utrujanja primerjamo tudi z rezultati
predhodnega ocenjevanja utrujanja z uporabo metode SIN. Pri enakih pogojih, t.j. enakih
temperaturnih razlikah mešanih tekočin in tipičnih variancah temperaturnih fluktuacij, se
pričakovana odstopanja med napovedmi obeh metod razlikujejo tudi do dva velikostna reda.
Življenjske dobe izračunane po metodi predlagani v disertaciji so daljše od tistih, ki jih
napove predhodna metoda. To je predvsem posledica uporabe bolj realističnih, in zato manj
konservativnih, temperaturnih polj generiranih z izpopolnjeno spektralno metodo.
Postopek ocenjevanja utrujanja predstavljen v disertaciji je možno neposredno razširiti z
uporabo drugih pravil za načrtovanje utrujanja. V kombinaciji z metodo končnih elementov bi
bilo možno oceniti vplive nelinearnosti materialov kot tudi nezveznosti v geometriji cevi. Na
ta način bi s predlaganim postopkom lahko pripomogli k nadaljnjemu razvoju trenutno zelo
skopih in preprostih pravil za načrtovanje toplotnega utrujanja.

